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ABSTRACT

This progress report summarizes the Argonne National
Laboratory work performed during July, August, and Sep-
tember 1977 on water- reactor-safety problems. The following
research and development areas are covered: (1) Loss-of-
coolant Accident Research: Heat Transfer and Fluid Dynamics;
(2) Transient Fuel Response and Fission-product Release Pro-
gram; (3) Mechanical Properties of Zircaloy Containing Oxygen;
and (4) Steam-explosion Studies.
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I. LOSS-OF-COOLANT ACCIDENT RESEARCH:
HEAT TRANSFER AND FLUID DYNAMICS

Responsible Section Managers:
H. K. Fauske, R. E. Henry, and P. A. Lottes, RAS

A. Transient Critical Heat Flux (J. C. M. Leung and R. E. Henry, RAS)

1. Slowdown Experiments

Sixty inlet-break blowdown tests have been conducted in a 2.75 -m-
long, 11.8-mm-ID Inconel tube (shown in Fig. I.1) using Freon-l . The effect
of initial pressure, break areas and power input on the blowdown heat transfer
was studied. Early CHF (less than 1 s) was observed in the lower portion of
the heated channel while this zone of early thermal excursion was strongly
affected by the initial steady-state pressure. The results are summarized in
Fig. 1.2, which compares pairs of tests conducted with the same break areas,
power level, and inlet conditions, but different system pressures. The lower-
pressure tests (P - 2.20 MPa) in all cases exhibit a shorter region in CHF
than the higher-pressure tests (P y 2.76 MPa). With all other parameters
remained unchanged, lower -pressure tests resulted in a more extended sub-
cooled boiling region.

In this subcooled boiling region, preferred nucleation sites are
active; hence they can initiate a nuc 1 eate boiling -heat flux during blowdown
and increase the heat-removal capability from the wall. The present model'
predicts that those regions that were initially in fully developed subcooled or
saturated boiling will have these nucleation sites already available and will
thus be cooled until liquid is depleted from the core region. But the regions
cooled only by single-phase forced convection during steady-state conditions
will be unable to activate the remaining preferred sites until the surface has
risen in temperature to a level that essentially satisfies the criteria for stable
vapor blanketing.'

The effect of inlet break sizes and heat input is shown in Table 1.1.
Tests shown were conduced at an initial pressure of 2.21 MPa, an inlet tem-
perature of 115 C, and an exit temperature of 149*C nominally. At a given
break size, increasing the heat input resulted in more extended region in early
CHF. For a given heat input, increasing the inlet break size had the effect of
higher mass flow down through the heated channel, resulting in more cooling
capacity. However, Test DB-113 does not agree with the general trend, and
no immediate explanation can be given.

Figures 1.3-1.6 depict the time to CHF at various wall locations,
taken here to be the point at which the wall-thermocouple trace showed a sus -
tained and rapid rise in temperature. Determining the time to CHF in the
bottom region (0-46 cm with a power factor of 0.71) can be quite uncertain, as
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141
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0.381

0.381

0.450
0.450

0.508
0.508

0.450
0.450

0.508

0.508

0.508
0.508

TOTAL
POWER

kW

5.05

5.03

PRESSURE
MPa -- BOTTOM
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TOP -e

4 4

2.20

2.77

5.13 2.21
5.20 2.76
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2.76
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2.81
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2.76

REGION IN EARLY CHF

REGION IN DELAY CHF OR NO CHF

Fig. 1.2. Comparison of Regions in Early CHF between Low- and
High-pressure Tests. AN L Neg. No. 900-77-1074.

TABLE I.1. Parametric Effects of Heat Input and Break Size on Transient CHF

Nominal pressure = 2.21 MPa (320 psia); inlet temperature =
115 C (239*F); outlet temperature = 149*C (300 F).

Total Heat Input, kWArea,
cma 2.7 4.0 4.5 5.0 6.1 7.1

0.051 a DB135-38b DB134-38 - - -

0.114 - DBl30-0 DBl31-8 DB11-53 - -

11-s delay

0.159 - - DB154-0 DB141-69 DB144-114 -
11-s delay

0.203 DB126-0 DB125-0 DB156-0 DBII3-114 DB157-84 DB120-130
9 -s delay 10 -s delay 9.5 -s delay

0.292 - - DB153 -0 DB150 - DB 152 -69 DB151-114
8-s delay 8-s delay

aNo test conducted.
bDB135-38 means Test 135 for bottom 38 cm in early CHF.
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some tests have shown. Because of the flow reversal upon an inlet break,
higher -enthalpy fluid is caused to flow downward, raising the temperature of
the wall region that is below the exiting -fluid temperature during initial
steady-state operation. The temperature of the wall showed a continuous rise,
sometimes with no apparent change in slope, and at present, the onset of CHF
was taken to be the point at which the wall temperature started to rise. This
time, however, could be considerably earlier than the actual CHF onset.

The response of the wall to various break areas is depicted in
Fig. 1.3, showing a tendency to shorter time at increasing break area. As for
the second region (46.-91 cm), an initial drop in wall temperature was observed,
and the onset of CHIk' c. izbe clearly discerned by the sharp turnaround in tem-
perature. Figure ;1.4-1.6 indicate the response of the wall to various break
areas and heat input. There is a definite decrease in time to CHF as the heat
input increases for each break size. At constant 5-kW power, the time to CHF
demonstrated a minimum with respect to break area. The minimum lies be-
tween break areas of 0.2 and 0.29 cm2 . For the range of break sizes studied,
the time to CHF decreases monotonically with increasing break area at 6.1-kW
power, while it is almost independent of break area at 7.1 kW.

2. Steady-state Experiments

The Freon blowdown experiments have shown that tests initiating
from a lower pressure demonstrated an extended coolability during the tran-
sient compared to similar tests initiating from higher pressures. The first
and most crucial question to be considered for steady-state, low-pressure
operation is the margin to CHF. Therefore, steady-state CHF measurements
are being taken in the present test section with stepped heat-flux profile, which
is shown in Fig. 1.7. Again Freon-11 is used as the modeling fluid, and the
scaling to the water system is performed according to Ahmad's method.

(in)
1.0 2.0 3.0

I.I

1.24

N6 .0 .--- -- 3.5j--. s .6-- --- Fig. I.?

AVERAGED Stepped Heat-flux Profile for Test Sec-

_o0.y1 0,y1- tion II. ANL Neg. No. 900-77-149.
S2.0 6.0

6-

0 :.0 4.0 6.0 6.0 10.0
AXIAL LENGTH (f1 I
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CHF measurements, shown in
250 Fig. 1.8 in terms of critical power,

were taken over a range of Freon pres -
sures from 1.9 to 2.9 MPa. This range
in pressure corresponds to equivalent

200
water pressure of 11.0-15.5 MPa. The

g scaled critical power is given by
.

si 1-

50

I

(hfg)HZo 1

H ,O F -li (hfg) F -K
(1)

where hfg is the latent heat of vaporiza-
tion and K is commonly referred to as
the mass velocity scaling factor, defined
as

50

K = GF-.
GH20

i

2600

Fig. 1.8. ANL Freon-11 CHF Measurements in Test
Section II. ANL Neg. No. 900-77-1669.

(2)

Here, G is the mass velocity, and K
is found to be 0.78 according to Ahmad's
scaling for the range of pressures
studied.

The scaling results for Freon-11
at two particular pressures are shown

in Table 1.2. The highest flow rate shown in Fig. 1.8 was typical of nominal
reactor operating conditions; results taken at flow rates less than this value
are also shown. The inlet subcooling for all cases was scaled to a water tem-
perature of 285 C (545 F), which is typical of PWR operating conditions.

TABLE 1.2. Results of Ahmad's Scaling for Froan-1l

L = 2.74 m; D = 11.8 mm

High-pressure Scaling Result Low-pressure Scaling Result

PWR F-i1 Hypothetical F-1l
Conditions Conditions Conditions Conditions

P, MPa 15.6 2.87 12.4 2.18
(psia) (2265) (416) (1800) (316)

Tin, *C 285 138 285 130

0, kg/mns 3390 2660 - 3390 2660
(lbm/h-ft') (2.5 x 106) (1.96 x 106) (2.5 x 106) (1.96 x 10')

q O/qF- t 13.2 13 5

6

I5

p

O

6

U4 1 L- 0 a a-.

r. j
' 1 I
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The experiments were conducted by initiating steady-state flow
at the system pressure and the appropriate inlet temperature and slowly in-
creasing the power until the protective system observed a sustained thermal
excursion of the wall. This condition is always observed near the exit of the
test section. Figure 1.8 shows that, over the range of interest, the measure-
ments exhibited a somewhat higher critical heat flux (critical power) at typi-
cal PWR pressures than is observed at the lower value of 12.1 MPa for flow
rates typical of the nominal value in PWR 's (G = 3390 kg/m2.s). As the flow
rate is decreased, the values for CHF become essentially independent of pres -
sure. For comparison, Bowring's CHF correlation3 for a uniformly heated
tube is included. This correlation appears to give reasonable indications of
trends, but the magnitude of the critical power is considerably less than the
measured values.

Figures 1.9 and 1.10 show data from the literature on a nine -rod
bundle test conducted by B&W4 and from an electrically heated LOFT bundle.5

These data were checked for accuracy and consistency by use of plots such as
given in Fig. I.11, showing the linear dependence of rod bundle CHF on inlet
subcooling. Sometimes rod-bundle CHF values at a particular mass velocity
and inlet temperature (2840C) have to be interpolated or extrapolated with the
help of this plot.

PRESSURE , We

1.3 I4.0
LOFT -BUNDLE (EXX " ANCI. ANC21

1.2 -25 ROD. 3 UNHEATED

PRESSURE ,M (FLUX SHAPE: UNIFORM AXIAL.NOMJNFORM RADIAL I
____.!_________1I 

0.10.2..

PITCH * 14.3mm

L .532+ -- LOFT-I CORRELATION 3.0
AXIAL S RACIAL VIVORM FLUX) j o.

PICH . 1.4e n0.3.0."IWS1111 S0 0 2.5 5 10 4b/h6
. -T * 6 1 ,(40l 5 g.E .1 o .."(3360 0 g 4/2)

0..02.0210 0.0.6 -5.01 33 0.7

.5 0I !0 310" J o. EXTRAPOLATE .0
_,.0 4 -0. --

0.--
0.O 0. . 0.4 1(36.1

j0.4. 1.05)
".00.3-1.

0.3-

0.1-' - 1T 0

0I I I Ia a I .
1000 1 100 361001 600 000 2200 3400 600

P41101NE -. MM PR212Uns , P{N

Fig. 1.9. CHF Results for B&W Fig. 1.10. CHF Results for LOFT Bundle.
Nino-Rod Bundle. ANL ANL Neg. No. 900-77-1671.
Neg. No. 900-77-1670.
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The present ANL Freon
Blowdown Test Facility (FBTF) has
been modified to include a double -ended
break simulation by installing a parallel
line and valve system from the upper

plenum to the low-pressure receiver vessel. This modification is shown in
Fig. 1.12. In addition, a uniform-heat-flux test section will be installed in the
facility, and a skew-heat -flux test section simulating the beginning -of -life
(BOL) period of the reactor fuel rod is currently being fabricated.
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Fig. I.12. ANL High-pressure Freon Slowdown Test Loop, Mod 2. Conver-
sion factor: 1 in. 25.4 mm. ANL Neg. No. 900-75-561 Rev. 2.
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3. Future Experiments

PUMP

OTIS

These water data show
essentially the same dependency on
system flow rate and pressure as ob-
served in the single -tube ANL Freon
facility. These CHF experiments
demonstrate that reactor systems with
higher pressure have a somewhat higher
critical heat flux at nominal flow rates.
At off -nominal (lower) flow r ate s, which
are of interest in safety analyses,
lower-pressure systems have essen-
tially the same critical heat flux
(critical power) as the higher-pressure
systems of current design.
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B. Reflood Tests (Y. S. Cha, CT; and G. G. Dewey, RAS)

The reflood test facility has been modified in order to conduct the
forced-oscillation tests. Figure 1.13 shows the schematic of the test facility.
Oscillations of the test section inlet flow are controlled by a three-way solenoid
valve, which is driven by an oscillator and a relay as shown in Fig. 1.13. The
oscillator can be operated over a wide range of frequencies and can generate
various wave forms. The present tests use a square wave with frequencies of
0.3-3.0 Hz. In addition, a turbine meter was installed above the upper plenum
to measure the steam flow generated during the test.

To fMOSPa

TMU PTJEPPM

Fig.1.13 Fccos ciltonR-od etFaii- ALNg.N.9--818

gg -naE11LELECTION

TEST SECTION -a

LOW E-E--ION - - MNUM

ELETRI. I.M P Wd-sATERo TAod et ailt. NL e. N K 0-1 18

A series of forced-oscillation tests was performed to study the effects
of temperature, flow, and frequency of oscillation on the quenching velocity.
The operating conditions for these tests are shown in Table 1.3, where T18,i
is the initial temperature measured by thermocouple No. 18, f is the frequency
of forced oscillation, Vf is the average forward (or upward) flow from water
tank No. 1 to the test section, Vr is the reverse (or downward) flow from the
test section to water tank No. Z, and V1 is the net average inlet flow to the test
section. We calculated Vj and Vr by dividing the change in liquid volume in
the respective water tank by the cross sectional area of thie test section and
the time interval required for the liquid level to reach the top of the test .sec-
tion. Three forced-flow tests (without force oscillation) were also performed,
and the operating conditions for these tests are shown in Table I.4.



TABLE 1.3. Operating Conditions

Run No.

22

23

24

25

26

27

28

29

30

31

32

33

Ti,i,
OF ( c)

,
Hz

for Forced-oscillation Reflood Tests

f,
cm/s

Vr,
cm/s

995 (535) 0.203 21.59 2.23

vi,
cm/s

19.36

1005 (540) 0.820 22.84 2.086 20.75

1000 (538)

1010 (543)

2.98 22.82 2.04

0.901 21.93 2.06

970 (521) 0.939 18.25 1.51

1250 (677)

1015 (546)

1015 (546)

1000 (538)

1240 (671)

1240 (671)

1230 (665)

2.941 20.97 3.628

0.909 23.83 2.47

20.78

19.87

16.74

17.34

21.36

3.077 23.38 2.662 20.72

0.309 22.84 2.217 20.63

0.304 22.15 2.428 19.73

0.948 23.05 2.482 20.57

2.941 23.57 2.430 21.14

TABLE 1.4. Operating Conditions for Forced
Reflood Tests without Oscillations

Tis,i f, Vf, Vr, Vi, Power,
Run No. *F ( C) Hz cm/s cm/s cm/s kW

34 1010 (543) 0 24.22 0 24.22 0

35 1020 (549) 0 21.00 0 21.00 0

36 1250 (676) 0 20.83 0 20.83 0

Figures 1.14-I.16 are plots of quenching time versus axial distance
along the test section for these tests. The zero for the abscissa corresponds
to the location of the lower electrode, and the zero for the ordinate is the
instant at which the liquid level reaches thermocouple No. 1. Several observa-
tions can be made in view of the results shown in Tables 1.3 and 1.4 and
Figs. 1.14-1.16:

1. For approximately the same initial test-section temperature and
the same average inlet velocity (Vi), the quenching front in a forced-flow test
moves faster than that in forced-oscillation tests with frequency of forced-
oscillation ranges of 0.3-3 Hz (Figs. 1.14 and 1.15).

2. Among the three frequencies used for the forced-oscillation tests,
the quenching-front velocity of a test with f 0.9 Hz is less than that with f
equal to either 0.3 or 3.0 Hz.

3. For approximately the same initial test-section temperature and
the same frequency of oscillation, the quenching -front velocity increases as the
average inlet velocity increases (Runs No. 23, 25, and 26 in Fig. I.16).
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Figures 1.17-I.21 are plots of amplitude versus frequency, obtained by
using Spectrum Dynamics Model SD301D Real Time Analyzer and Model SD308
Ensemble Averager, of the output of the pressure transducer located in the
lower plenum. Figures 1.17 and 1.21 show that, for tests without forced oscil-
lation, relatively large -amplitude oscillations occurred mainly in the frequency
range of 0.5-2.0 Hz. The peak amplitude occurred at 1.9 Hz for both
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runs No. 35 and 36. The relatively slow quenching process for forced-oscillation
tests with f = 0.9 Hz may have been caused by the amplification of the natural
oscillation in the frequency range of 0.5--2.0 Hz. Figures 1-19-I.21 show the
frequency spectra for forced-oscillation tests with f 0.3, 0.9, and 3.0 Hz,
respectively. If the frequency of forced oscillation and its harmonics are ex-
cluded from these plots, the most violent oscillations occurred for tests with
f = 0.9 Hz and the least violent oscillations occurred for tests with f = 3.0 Hz.
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II. TRANSIENT FUEL RESPONSE AND FISSION-PRODUCT
RELEASE PROGRAM

Responsible Group Leaders:
L. A. Neimark and M. C. Billone, MSD

Coordinated by:
L. R. Kelman, MSD

A physically realistic description of fuel swelling and fission-product
release is needed to aid in predicting the behavior of fuel rods and fission
products under certain hypothetical light-water -reactor (LWR) accident con-
ditions. To satisfy the near-term need, a comprehensive computer-base
model, the Steady State and Transient Gas-release and Swelling Subroutine
(GRASS-SST), is being developed at Argonne National Laboratory (ANL).
This model is being incorporated into the Fuel-Rod Analysis Program (FRAP)
code being developed by EG&G Idaho, Inc., at the Idaho National Engineering
(INEL). Also being developed, but at a lower priority, is a model to predict
the behavior of volatile fission products in and release from LWR fuel under
hypothetical accident conditions. The volatile fission-product results will
also serve as input to NRC-sponsored programs that are developing a radio-
logical source term for hypothetical accidents.

The analytical effort is supported by a data base and correlations de-
veloped from characterization of irradiated LWR fuel and from out-of-reactor
transient heating tests of irradiated commercial and experimental LWR fuel
under a range of thermal conditions.

Emphasis in the early stages of the program has been on thermal
conditions in pressurized-water-reactor (PWR) fuel that are applicable to
anticipated hypothetical power-cooling-mismatch (PCM) accidents. Recent
efforts include conditions typical of other types of hypothetical accidents.
The program is also developing information on fission-gas release during
steady-state and load-following operations.

A paper titled "Relationship between Fission-gas Release and Micro-
structural Change during Transient Heating of Pressurized Water Reactor
Fuel" by S. M. Gehl, M. G. Seitz, L. R. Kelman, and J. Rest was presented
by S. M. Gehl at the American Nuclear Society Thermal Reactor Safety
Meeting, Sun Valley, Idaho, July 31-August 5, 1977.

Recent significant analytical and experimental advances and the status
of the program at the end of this quarter are summarized below.

1. GRASS-SST, modified to include new analytical models developed
to describe the mobility of fission-gas bubbles during transient heating con-
ditions, has been verified for available PCM-type direct-electrical-heating
(DEH) tests.
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2. GRASS-SST analyses of a hypothetical LOCA in the H. B. Robinson
Reactor indicate that, if grain-boundary separation occurs, internal gas pres-
sure can be expected to rupture the cladding when it approaches 800C.

3. GRASS-SST results for burnups >5 at. % and centerline tempera-
tures <1200C indicate that breakaway fission-gas release occurs from fuel
regions in which fission-gas swelling has exceeded an assumed value of ~5%
for long-range porosity interconnection. The breakaway gas release occurs
later for lower-temperature (lower-power) rods.

4. Preliminary results of GRASS-SST-calculated bubble sizes for
DEH tests on irradiated LMFBR mixed-oxide fuel indicate that the predicted
values are in reasonable agreement with the measured bubble sizes.

5. Correlations between the fractional gas release and transient
temperature history for PCM-type DEH tests have been refined, based on
improvements in radial-temperature-profile calculations and additional ex-
perimental test data.

6. The retained fission gas in as-irradiated Saxton fuel from the
PBF test program and the released fission gas and microstructures resulting
from DEH testing of this fuel have been determined. These results, compared
with the results of similarr tests and characterizations of Robinson fuel, are
consistent with the thermal and burnup histories of the two fuels. The results
confirm that the out-of-reactor DEH technique can simulate many pertinent
effects of in-reactor transient heating.

7. The power supply and the controls of our DEH system are being
modified to expand the range of achievable heating rates.

A. Modeling of Fuel/Fission-product Behavior* (J. Rest, MSD)

1. Modeling of Fission-gas Behavior during Transient Heating
Conditions

a. Introduction

In the last quarter, analyses with GRASS-SST for steady-state

conditions coupled with experimentally determined fission-gas release during
DEH tests indicated that large quantities of gas are being transported out of
the UOZ grains during transient heating. In addition, it was demonstrated that
GRASS-SST could reasonably predict the gas release from DEH tests if the
high-temperature bubble mobilities approach the limiting case of surface-
diffusion control.

*QERATA: In ANL-l7-34, pages 48 and 49, the drawings shown as Figs. 11.1 and 11.2 should be interchanged,
leaving the titles where they are.
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The physical basis behind this approach was described as
follows. During equilibrium conditions, the bubbles may be faceted, and the
rate of motion of a faceted bubble is determined by the frequency of nucleation
of steps, instead of by the time required for atoms to move from a step on
one side of a bubble to a step on the other side. (That is, the bubbles move
slower than predicted by surface diffusion.)1, 4 However, during transient
conditions, step nucleation could be rapidly enhanced by high fuel tempera-
tures and by nonequilibrium effects, resulting in a rapid increase in the
fis sion-gas -bubble mobilities.

Recrystallization and dislocation sweeping are other phe-
nomena that could, in principle, result in an enhanced release of fission gas
from the grains to the grain boundaries during transient heating conditions.
Observations of the DEH-tested pellets reveal no evidence of UOZ recrystalli-
zation. GRASS-SST analyses indicate that a rapid diffusion of fission-gas
bubbles (~100 A in diameter) as well as gas atoms occurs during the DEH
transient heating. Conceivably, dislocation sweeping could move fission-gas
atoms from the grains to the grain boundaries, but the moving dislocation
probably would not have much effect on fission-gas bubbles; the bubbles
would act as pinning sites for the dislocations and would retard their motion.
On the other hand, a rapid increase in step nucleation would lead to increased
bubble mobility for small as well as large bubbles.

During this quarter, an analytical formulation was developed
to describe the diffusivities of fission-gas bubbles during transient heating
conditions. After this formalism was included in GRASS-SST, the code was
run for the available DEH tests. The predictions of transient fission-gas
release are in good agreement with the data.

b. Mobility of Overpressurized Fission-gas Bubbles

Bubbles intersected by dislocations have higher diffusivities
than bubbles in a perfect lattice. 5 The bubble diffusivities were satisfactorily
described by a rate-controlling nucleation mechanism, in which ledges intro-
duced into the bubble surface by the dislocation rotated about the dislocation,
causing the bubble to migrate. Since dislocations (and stacking faults) run
out to the grain surfaces, they serve as channels that facilitate the migration
of the bubbles out of the grains to the grain boundaries. During steady-state
heating, the dislocation density is relatively small, and the effective diffu-
sivities of the intragranular bubbles would not be expected to be appreciably
altered. However, during transient heating, the dislocation density around
the bubble may rapidly increase, leading to an enhanced diffusion of the bubbles
along the dislocations to the grain surfaces.

Conditions in the fuel that give rise to plastic deformation of
the lattice can lead to a rapid increase in the dislocation density. During
transient heating, fission-gas bubbles may become overpressurized due to
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a lack of vacancies in a lattice that is not in thermodynamic equilibrium.
If the overpressure in a bubble results in an equivalent stress that exceeds
the yield strength of the UO2 , then plastic deformation of the material around
the bubble will result. This plastic deformation can result in the generation
of an appreciable dislocation density around the bubble, and, as the bubble
surface intersects these dislocations, sites will be produced that can act as
centers for step nucleation.

Since plastic deformation of the U02 due to an overpressurized
bubble is expected to result in a high density of sites around the bubble surface
that are available for step nucleation, the diffusivity of such a bubble would be
expected to increase very rapidly under such conditions. In effect, the faceted
appearance of the bubble surface would very quickly smooth out, so that bubble
diffusion would depend more on the time required for atoms to move from a
step on one side of a bubble to a step on the other (i.e., surface diffusion) than
by the frequency of nucleation of steps.

As the lattice approaches thermodynamic equilibrium, the
bubbles will expand at a faster rate due to the availability of lattice vacancies
and will lose their overpressurization. When the material around a bubble is
no longer undergoing plastic deformation, the dislocations very quickly anneal
out, and the density of steps around the bubble surface decreases toward its
equilibrium value. Under these conditions, bubble mobility is quickly reduced
as the diffusion of the bubbles becomes once again dominated by the frequency
of step nucleation.

c. A Model for Diffusion of Overpressurized Fission-gas
Bubbles

As an attempt to quantify the ideas presented in Sec. b above,
consider the excess internal gas pressure in a bubble of radius ri that is
given by

pax = Pg(T) - r', (1)

where Y is the effective surface tension and

Pg = 3nikT/(4nrI - 3bvni) (2)

is the gas pressure within the bubble at temperature T. Equation 2 is a re-
arrangement of the van der Waals equation; b = 8.3 x 10-' is the van der Waals
constant for xenon/krypton, k is Boltzmann's constant, and ni is the number of
gas atoms in the bubble of radius ri; P'x is a measure of the resultant pres-
sure in the matrix and vanishes under the initial equilibrium conditions.
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In Eq. 1, the effect of external stresses has been neglected.

However, the effects of bubble overpressurization are expected to come pri-

marily from the smaller bubbles. For these small bubbles, the surface ten-

sion, 2Y/ri, usually dominates the stresses that can be produced under in-

reactor (and DEH) conditions. Consider a time interval, t seconds, of the

transient during which the fuel temperatures are increasing at a rate dT/dt

(C/s). During this time, bubble coalescence and re-solution are assumed
not to occur and ni is constant, given by the initial equilibrium conditions

ni = 3rYrI/(kTiri + 2Ybv), (3)

where T1 is the temperature at the beginning of the time interval, t.

First consider the case in which the bubble radius, ri, is

constant over the time interval, t. The time Ti required for the bubble to ob-

tain an excess pressure sufficient to generate an equivalent stress equal to

the yield stress, ay, of the surrounding matrix is, using Eqs. I and 2, given by

-L + Y3 i(4nr3 - 3bvni)
Ty = i 3vi T dT4

Ti =3nik -1 t' 4

where ay = ay(T) is used to emphasize that ay is a strong function of the fuel
temperature.

Equation 4 does not take into account the situation in which

the bubble may already be overpressurized at the beginning of the time in-

terval, t. If the bubble was initially in an overpressurized state, then Eq. 4

would overestimate the time required for the equivalent stress generated by

the overpressurized bubble to become equal to ay.' On the other hand, if there
is appreciable bubble relaxation during the time (i.e., ri increases), then

Eq. 4 would underestimate the time required for the equivalent stress gen-
erated by the overpressurized bubble to become equal to ay.

A rigorous approach to the solution for the excess internal
gas pressure for each bubble of radius ri, where i varies over the limits of
the bubble-size distribution, requires the numerical solution of a large set of
coupled partial differential equations for the rate of change of the bubble radii
and the rate of change of the lattice-vacancy concentration, cv.6 Because of
code running-time requirements, this approach is outside the scope of
GRASS-SST. However, a phenomenological approach to the problem of bubble
overpressurization can be formulated using Eq. 4 by evaluating Tr as given
by Eq. 4 with respect to the bubble relaxation time, erB.
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If primary creep is neglected, the rate of growth of ri is
given by6'7

dr- Dv

dr Ti [cv - cv exp(-PifO/kT)]. (5)

In Eq. 5, ce is the fractional equilibrium vacancy concentration given by

cv = exp(-Ef/kT); (6)

Dv is the vacancy diffusion coefficient given by

Dv = Dv exp(-Em/kT), (7)

where Ev and EmJ1 are the vacancy formation and migration energies, respec-
tively, D, is a preexponential factor, and f is the atomic volume; PeX is the
excess internal gas pressure for each bubble of radius ri, given by

Pix = P?(T) - r, 
(8)

where Y is the effective surface tension and P is the gas pressure within a
bubble of radius ri at temperature T. The explicit rate equation for cv(T) is
given by6

dcV N N efll \NI/a

-- 4RDv V rjCi + 4"DVcZ rjCj exp(-PO/kT) + dg Dv riCi (CV - cv). (9)
itgI\ 1  /

where Ci is the concentration of bubbles of radius ri, and dg is the grain
diameter.

To determine the variation of Pix, it is necessary to solve the
simultaneous rate equations (5) and (9) for ri(t) and cv(t). Obviously the solu-
tion of Eqs. 5 and 9 can only be obtained numerically. However, the dimensional
form of the two contributions to v and the term in -i suggests three relaxation
times:6 one for the vacancy concentration supplied by the bubbles, one for the
vacancy concentration supplied by grain boundaries, and one for the relaxation
time for the bubble radii given by

T= rf-. (10)
Dvcyv

In what follows, we shall assume that the rate of growth of non-
equilibrium bubbles can be qualitatively characterized by Eq. 10. Let oi, 0'S

si s 1, characterize the degree of nonequilibrium in the lattice surrounding a
bubble of radius ri; the larger ai becomes, the further the system is from an
equilibrium configuration. The change in aj, da1 , can be written in terms of
ai and the times Tr and i , above, as
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dai = (1 - ai)d(TB/Tfl. (11)

Thus, as 'r decreases, and as rB increases, the system goes further from its
equilibrium configuration. Conversely, as Ti increases, and as r decreases,
the system approaches equilibrium. Solving Eq. 11 for ai gives

ai = 1.0 - exp(-_TB/Tfl. (12)

The problem that remains is to relate aj to the bubble diffu-
sivity. This can be accomplished by considering the limits of the bubble diffu-
sitivities used in GRASS-SST. During steady-state conditions (i.e., ai << 1),
GRASS-SST uses empirical intragranular diffusivities given by

Di = 2.1 x 10"4 exp(-91,000/kT)(r 1/ri)'6 2 , (13)

where r1 is the mathematical radius of a bubble containing a single gas atom at
temperature T. Equation 13 is limited by constraints of compatibility with theo-
retical treatments of bubble mobility by surface diffusion. The diffusivity of a
bubble moving by surface diffusion is given by

Di = 2.42 x 10-25 exp(-108,000/kT)/rt. (14)

Based on the discussions above, during transient heating conditions, the bubble
diffusivities should be given by Eq. 14 as a1 - 1. Thus using Eqs. 13 and 14, the
fission-gas-bubble diffusivities can be expressed in terms of the equilibrium
parameter, ai, as

Di = 6.732 x 10-" exp[-(91,000 + 17,000ai)/kT](15)Di =(4084ri)I.62+2.eai(

where r1 of Eq. 13 is assumed to have the value of 0.24 x 10-' cm. When
ai - 0. Eq. 15 - Eq. 13; and, whenai - 1, Eq. 15 -'Eq. 14. For intermediate
values of ai, the diffusivities given by Eq. 15 lie between those given by Eq. 13
as a lower limit and those given by Eq. 14 as an upper limit.

To use Eq. 15, the U02 yield stress, i, in Eq. 4 must be deter-
mined. In general, ay is a complex function of fuel temperature, strain rate, and
microstructure (e.g., U02 grain size). Experiments designed to measure the UO2
yield strength under steady-state and transient in-reactor conditions are diffi-
cult to perform, and adequate data are lacking. The UO yield stress used in the
calculation of the gas-bubble diffusivities as given by Eq. 15 has been deter-
mined based on the data of Roberts.$ Roberts conducted conventional load-
versus-deflection, strain-rate-change, and stress-relaxation tests on UO-
20 wt % PuO8 specimens in the strain-rate range of 0.1-0.4 h'a and in the
temperature range of 1500-1800'C. The specimens, prepared from mechanically
blended powders and having grain sizes of 2-14.5 m, were deformed in four-
point bending in a high-temperature, inert-atmosphere furnace. The most sig-
nificant observations from these experiments are the strong temperature
dependence' of the flow strength (flow strength decreases with an increase in
temperature) and the increase in flow strength with an increase in grain size.
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An analytical expression for the yield strength as a function
of the temperature and grain size was obtained from Robert's data by quadratic
regression analysis. Explicitly, for ay in dynes/cma,

?y = 9.8 x 105 exp(ao + a/T + a2/TZ), (16)

where

ao = -179.1+7.Od+0.2d2 ,

al = 6.5 x 105 - 2.3 x 104 d - 8.6 x 102d2,

and

at = -5.8 x 108 + 1.8 x 107d + 8.9 x 105d2.

Equation 16 is assumed valid for temperatures of 1500-2850C and for grain
sizes between d = 2.0 and d = 14.5 m.

The principle difference between the bubble diffusivities as
given by Eq. 15 and those given by Eq. 13 is that Di from Eq. 15 depends on
the bubble relaxation times and on the transient heating rate. The dependence
of Di, from Eq. 15, on the bubble relaxation times is shown in Fig. 11.1, where
the intragranular diffusivity of a 100-atom fission-gas bubble responding to a
heating rate of 25C/s is plotted against the reciprocal of the absolute tem-
perature for three values of E + Evn. (The bubble relaxation times are a
function of the sum of the vacancy formation and migration energies; i.e.,
see Eqs. 6, 7, and 10.)

Figure U.1 shows that, as Em + Ef, increases (i.e., as the
vacancy flux to the bubbles decreases), the bubble diffusivity increases. When
E4 + Evm = 4.6 eV, the diffusivity first decreases (for temperatures between
1873 and 2073 K) before rapidly increasing. This behavior is the result of
bubble relaxation times decreasing faster over this temperature regime than
the UO yield strength. For temperatures greater than 2073 K, the yield
strength (Eq. 16) decreases rapidly enough, compared to the rate at which the
bubbles approach equilibrium, so that the equivalent stress generated as a re-
sult of bubble overpressurization remains greater (i.e., for E + E = 4.6 eV)
than the fuel yield strength.

Figure U1.2 shows the dependence of the intragranular diffu-
sivity of a 100-atom fission-gas bubble in 7.6-im UO grains as a function. of
the reciprocal of the absolute temperature for three values of the transient
heating rate, dT/dt. Figure U1.2 shows that, as the heating rate increases, the
bubble diffusivity increases. This behavior is due to an increase in bubble
overpressuriation with an increase in heating rate; i.e., the time for a bubble
having constant radius to develop an excess pressure equal to the yield pres-
sure of the UO3 decreases as the heating rate increases.
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d. Extension of GRASS-SST Model for Evolution of Interconnected
Poro3ity to Include Rapid Long-range Interconnection as a
Function of Fission-gas Swelling

During the last quarter, we showed that reasonable agreement
between GRASS-SST predictions of transient fission-gas release and experi-
mental DEH results could be obtained if the following assumptions were made:

1. The high-temperature bubble mobilities approach the
limiting case of surface-diffusion control during the transient heating.

2. All the fission gas calculated to be trapped in the grain-
edge tunnels is released by the interlinkage of intergranular separations
formed during the DEH transient.

Assumption 1 has been discussed above where an analytical
model was developed to describe the behavior of the bubble diffusivities
during transient heating. Assumption 2 was found to be reasonable in that
a comparison of the GRASS-SST calculations with the post-DEH-test micro-
structures indicated that the radial zones in which large amounts of gas were
calculated to be transported to the grain boundaries coincided with the regions
in which measured total fuel swelling from fission-gas bubbles and cracks
exceeded the experimentally suggested value for long-range porosity inter-
connection (18%). The assumption that all the grain-edge gas escapes leads,
in most cases, to a slight overprediction of the measured gas release.

Assumption 2 was required because, at present, GRASS-SST
does not model the mechanically induced separation& of grain boundaries ob-
served in DEH-tested fuel. However, this assumption can be relaxed by
using the experimentally observed breakaway in the transient gas release
(i.e., the large slope change in the curve for percent xenon release versus
percent swelling; see ANL-77-59, Fig. 11.22) after a critical value of total
fuel swelling has been reached. The slope change in the curve for percent
xenon release versus percent swelling is believed to be the result of the
rapid interlinkage of the intergranular separations when the extent of separa-
tion (or fuel swelling) reaches a critical value. The complete interlinkage of
the grain-edge porosity allows fission gas trapped on grain edges and bound-
aries to escape.

For fuel swelling below the critical value, gas release occurs
primarily by diffusional mechanisms (i.e., not including gas release due to
grain-boundary separation and/or a rapid, long-range interlinkage of the
grain-edge porosity). In the GRASS-SST treatment of interlinked porosity
(see ANL-75-72, pp. 94-96), which is statistical in nature, the degree of pore
interlinkage along the grain edges is a function of the fractional porosity and
the ratio of grain size to pore size. The model, based on the mathematical
theory of percolation, uses the concept of an arbitrary distribution of sites
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with randomly distributed bonds or links that join pairs of sites. The con-
centration of bonds is given by

number of bonds
number of sites

The model predicts that long-range interlinkage of sites will occur for

P > 1.569. (17)

As applied to nuclear fuel, the sites are represented by
intergranular pores; a bond is formed when two adjacent pores become con-
nected. In this case, the concentration of bonds, P, can be expressed as

g

1 2N 1- - 1 

P=N1+(p - 1) ZNl +' ,(18)

which enables P to be calculated from the two experimental parameters p
(the fractional porosity) and g (the ratio of grain size to pore size) and the
geometrical factor N (the coordination number for a compact arrangement of
pores).

A first assumption for pore interlinkage would be to consider
the condition P > 1.57 as the abrupt limit for intergranular release through
percolation. Actually, P is a function of the local values and spatial variances
of fractional porosity, pore size, and grain size. Therefore, a statistical dis-
tribution around an average value of P must be assumed. In this case, we
obtain

pore-interlinkage fraction = f1exp[-(x - P)Z/2aZ]dx, (19)
a x=1.57

where a (width of distribution of P) can be calculated from the experimental
histograms of pore size, grain size, and fractional porosity. The gas released
from a section of fuel is determined by the amount of gas that reaches the
pores multiplied by the pore-interlinkage fraction; the remaining gas con-
tributes to grain-edge swelling.

In contrast to recent experimental results (see ANL-77-59,
Sec. II.B. 3), the above formalism for calculating the evolution of interconnected
porosity does not predict that a rapid increase in long-range porosity inter-
connection will occur after a critical value of swelling due to fission-gas
bubbles (or, for that matter, after a critical value of total fuel swelling) has
been reached. The primary reason for this deficiency is that GRASS-SST does
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not include a realistic calculation of g, the ratio of grain size to pore size,

and a, the width of the distribution of P (e.g., see Eqs. 18 and 19).

Fission-gas pores (pores in which the internal gas pressure
equals the surface-tension-induced pressure) should be included in the calcu-

lation of g, a, and p. In principle, there is no reason to exclude the effect of

fission-gas bubbles on the interlinkage of the grain-edge tunnels; long-range

interconnection of grain-edge tunnels has been observed after fuel swelling,

primarily ascribed to fission-gas bubbles, exceeded a critical value (~7).9

This result is consistent with studies of percolati , probabilities, in which
extensive long-range interconnection of a second phase in a matrix is pre-

dicted if the volume fraction of the second phase exceeds a critical value.10-12

Thus, to provide a more realistic calculation of the pore-
interlinkage fraction, Eq. 19 is supplemented by the additional criterion

pore-interlinkage fraction = 1.0, if By > Bvcrit, (20)

where By is the calculated volume strain due to fission-gas bubbles and

Bvcrit (~7%) is the critical gas-bubble volume fraction above which extensive

long-range interconnection of the grain-edge tunnels is assumed to take place.

At the present stage of development, GRASS-SST does not
contain models for the formation and interlinkage of the planar intergranular
separations observed in the experimental program (e.g., see Fig. II.17 of
ANL-77-59). In particular, the contribution of these separations to the total
swelling does not appear in the calculated value of Bv. As a result, Bvcrit is
smaller than the volume swelling (i.e., 18%) above which interlinkage and en-
hanced gas release occurred during DEH testing.

e. Comparison of Code Predictions for Transient Gas Release
with Experimental Results

Figure 11.3 shows the results of GRASS-SST calculations o.
transient gas release versus the measured results for available PCM-type
DEH tests. The calculated results in Fig. 11.3 were made using Eqs. 15 and
20. As is evident, the GRASS-SST predictions are in good agreement with
the experimental measurements. The agreement between code predictions
and experiment, shown in Fig. 11.3, becomes even more striking when we
note the difference in the experimental conditions of Test 31 as compared
with the conditions under which the other DEH tests were performed.

In Test 31, the fuel was subjected to a steady-state power
input of 500 W for -15 min before transient heating was started. During the
steady-state heating, measured surface temperatures reached 1270C;
DEHTTD-calculated centerline temperatures reached 1975C. In all other
tests, the pretransient power was held to 300 W or less. In a plot of xenon
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release as a function of total energy for all PCM-type DEH tests (see
ANL-77-59, Fig. II.5), there is a general trend of higher gas-release frac-
tions at higher total power depositions. Test 31 shows the only large deviation
from the trend (much less gas release than suggested by the trend lines). This
deviation is most likely due to the long, high-power pretransient heating in
Test 31.

65 -FKTTT 2 ---

60 -

55 -

50 -

45 - 3 3

40 --

35 - SURFACE TEMPERATURES ESTIMATED-
27SPREAD IN CALCULATED

RESULTS REFLECTS A 200C
0 30 DIFFERENCE INT HE MAXIMUM -

0 SURFACE TEMPERATURE

25

20 - 3
32

15 - - 22-

101

23
~29

0 5 10 I5 20 25 30 35 40 45 50 55 60 65 70

PREDICTED GAS RELEASE P/.)

Fig. 11.3. GRASS-SST-predicted Transient Gas Releases Using
Eq. 15 vs Experimentally Measured Values. ANL
Neg. No. 306-77-538 Rev. 1.

The GRASS-SST prediction of the gas release during Test 31
is in good agreement with the experimental measurement (i.e., 23 versus 20%;
see Fig. 11.3). In particular, the fact that GRASS-SST can predict the DEH
transient gas releases for tests of quite varying conditions supports the
hypothesis described in Sec. c above that the mobility of fission-gas bubbles
is enhanced when the bubble is overpressurized if the excess pressure in the
bubble exceeds the yield strength of the surrounding matrix. For example,
suppose that the capability of GRASS-SST to predict DEH transient gas release
depends only on a relationship between the bubble mobilities and the transient
temperature, and not on other parameters such as heating rate and UO2 yield
strength (i.e., that the bubble mobilities do not obey a relationship, such as
described by Eq. 15).

In addition, assume (as was done in the last quarter; see
ANL-77-59, p. 84) that the bubble diffusivities during transient heating are
described by the curve shown in Fig. II.4. In Fig. 11.4, a transition curve ini-
tiates at some critical temperature, Tc, and connects the steady-state
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diffusivities with those given by

the theory of surface diffusion. The

transition curve of Fig. 11.4 is simi-

lar to the curve generated using

Eq. 15 for a 25C/s heating rate;

e.g., see Fig. 11.2. Figure 11.5 shows
the results using the bubble diffusivi-

ties shown in Fig. 11.4 of GRASS-SST
calculations of transient gas release
versus the measured results for

available PCM-type DEH tests.

(Figure 11.5 is the same as Fig. 11.3
in ANL-77-59, but, in addition, in-
cludes Test 31.)

Although the GRASS-SST
predictions, shown in Fig. 11.5,

made using the diffusivities shown
in Fig. 11.4 are in reasonable agree-

ment with much of the data, the

predictions for transient gas re-
lease from Tests 24, 31, and 32,

are off by more than a factor of
two. The reason for this overpre-
diction of transient gas release is
that the diffusivities as shown in
Fig. II.4 assume enhanced diffusion
of gas bubbles, even during periods
when the heating rate is relatively
low. This condition, of a relatively
low rate of heating, is characterized
by Test 31, which had a long steady-
state preheat at high power. The
analysis developed during this
quarter, leading to Eq. 15, accounts
for the dependence of bubble mo-
bility on heating rate, and, as is
evident in Fig. 11.3, predicts tran-
sient gas release in good agreement
with the measured values for all
the data. In addition, the GRASS-
SST-predicted bubble sites for the
DEH-tested pellets are in reasonable
agreement with the available data.
As other DEH test results become
available, the validity of Eq. 15 will
continue to be examined.
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2. Fission-gas Behavior in a PWR Fuel Rod during Hypothetical
LOCA Conditions (J. Rest, MSD; W. Wang and D. Wheeler, RAS)

a. Introduction

The loss-of-coolant accident (LOCA) in a pressurized water
reactor may create conditions in the fuel rod that are highly conducive to
fission-gas release. High fuel temperatures resulting from fission-product
decay heat after the LOCA blowdown phase could lead to significant gas re-
lease as well as swelling (e.g., see ANL-77-34, pp. 53-58).

The amount of fission-gas released, as well as the time in
the accident in which it occurs, is very important. Increased internal pressure
due to the additive effects of helium fill gas and released fission gas may
create stresses in the rod that exceed the cladding yield stress. Therefore,
localized fuel-rod swelling could occur during a LOCA if fuel-rod cladding
temperatures become too high.

Mechanisms have been identified through microstructural
analysis of DEH-tested irradiated fuel (e.g., see ANL-77-59, pp. 96-100) that
can lead to the venting of gas trapped in the closed porosity of the fuel. These
mechanisms involve grain-boundary separation and rapid, long-range inter-
connection of grain-edge tunnels (see ANL-77-59, p. 103). The initiating con-
ditions of these processes may be me during a hypothetical LOCA.

as r I /1 I I
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In ANL-77-34 (pp. 53-58), GRASS-SST calculations of gas

release during a hypothetical LOCA were performed for a fuel rod that
had a relatively high-power steady-state history (~30% gas release at the end
of the steady-state irradiation). During this quarter, these analyses were
continued by performing GRASS-SST calculations to examine fission-gas
behavior during a LOCA for a fuel rod that had a relatively low-power steady-
state history (i.e., a rod from the H. B. Robinson reactor that had ~0.25% gas
release at the end of the steady-state irradiation).

The fuel rod used in this analysis is typical of fuel rods used
in commercial reactors. Its specifications and steady-state history are from
an H. B. Robinson No. 2 reactor rod bundle. The steady-state linear power
of this rod was first ~22.4 kW/m and then -17.7 kW/m, producing a burnup of

30,000 MWd/MTU, or 3.14 at. % at end of life. The center of the fuel reached
a maximum temperature (calculated) of about 1500 C early in the operation and
was about 820C at end of life.

Intragranular fission-gas release results in both the accumu-
lation of gas retained in closed porosity and the release of gas from the rod.
The extent of gas venting from grain boundaries and edges seems to be related
to mechanisms of:

(1) Grain-edge tunnel interlinkage.

(2) Grain-boundary separation.

3 A gradual process of gas bubble

z growth and coalescence on grain bound-

W W aries can form channels, and channel
__j coalescence may lead to long-range

1R-W

Nd porosity interlinkage and/or grain-
'E2 -50 E boundary separations. A quicker pro-

cess of forming intergranular cracklike
40 cc separations may be caused by stresses
30U.due to an applied axial load, differential

-a 30 .,thermal expansion, and the pressuriza-

W I 20 otion of intergranular fission-gas bubbles.

o10 Figure 11.6 shows the steady-
state total gas release to the plenum

0 and gap for a single fuel pellet through-
0 10 20 out rod life. Also shown is the release

STEADSTATE TIME OFIRRADIATION (1031of fission gas to closed porosity during

Fig. 11.6. Steady-state Total Gas Release to Open steady state. The gas trapped in the

Void Volume and to Closed Porosity for closed porosity along the grain edges
a Single Fuel Pellet throughout Rod Life. and on the grain boundaries can be re-
ANL Neg. No. 306-78-33. leased if extensive tunnel interconnection
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and/or grain-boundary separation occur. Note, from Fig. 11.6, that the release
rates were higher early in rod life when the linear power was -23 kW/m. The
total fission gas generated in the pellet was calculated to be 3.93 x 10-4 mnle.
GRASS-SST predicts that 0.647% of this was released to the plenum and gap,
while 10.2% was trapped in the closed porosity along the grain edges.

b. Internal Rod Pressure

Released fission gas combines with the initial helium fill gas
in the plenum and fuel-cladding gap to load the cladding internally. If the
total of cladding loading exceeds the yield strength of the cladding, ballooning
and further deformation of the rod can occur. As an exercise to determine
what role fission gas may play in internal loading, the partial pressures of
helium and fission gas were determined for the plenum and gap volumes in
the rod during the LOCA. Calculations to determine the temperature of the
helium and fission gas located in the fuel-cladding gap as a function of tran-
sient time were unavailable. However, for the exercise, after the first seconds
of the accident, the temperature of the gap-gas mixture was taken to be that of
the cladding. During the first few seconds of the LOCA blowdown phase, the
temperature of the gap-gas mixture was assumed to be equal to the coolant
outlet temperature at the end of the steady-state irradiation.

Assuming the cladding is thin-walled, the internal pressure
at which cladding will yield is given by

Py = 3= D y, (21)

where

t = cladding thickness,

D = tube diameter,

and

ay = yield stress of the material.

For the H. B. Robinson rod,

Py = 0.1329a1. (22)

On the other hand, the equivalent stress, assuming a thick-
tube model, can be calculated from internal pressure by

P i
Qe = (23)

q (ba/a=)-



31

where a is the tube inside radius, P is the internal pressure, and b is the
tube outside radius. If it is assumed that the Zircaloy yields at values of
equivalent stress equal to the Zircaloy yield strength, then the internal pres-
sure at which the cladding will begin to deform is

P (b/a) I 0.161. (24)

Note that Eqs. 22 and 24 agree within 17% of each other.

Using Eq. 21, we determined the cladding yield pressure for
Zircaloy-4. (Yield stress was taken from experiments by Chung et al.; see
ANL-76-121, p. 83.) Rod internal pressure was calculated by firb: assuming
that all gas that diffused out of the grains reached the plenum or gap (i.e., that
all gas trapped in the closed porosity was released due to rapid grain-edge
tunnel interlinkage and/or grain-boundary separation). This provides an upper
bound to rod internal pressure, PGAS,MAX. A lower bound to gas release and
to rod internal pressure, PGAS,MIN, is obtained by assuming that no rapid
tunnel interlinkage and/or grain-boundary separation occur during the
accident.

This H. B. Robinson rod was assumed to be in the most
severe section of the core during the LOCA. The top graph of Fig. 11.7 shows
the fuel surface and centerline transient temperature histories used for the
hottest one-third of a 4-m fuel rod. The fuel temperature and power profiles
during the LOCA were obtained from calculations performed with the FRAP-T
(standard problem No. 1) and RELAP codes at EG&G, Idaho Falls, Idaho.
During the first phase of the accident, fuel surface temperatures increased,
while centerline temperatures decreased (due to moderator loss). After
-12 s into the transient, the fuel temperatures stabilized. At t -y 20 s, the
refill phase of LOCA began and fuel temperatures rose due to fission-product
deca, heat. (The linear rise in fuel temperatures was assumed.) After 123 s,
the core was essentially full of water (end of reflood phase), and the fuel tem-
peratures decreased quite rapidly.

Before the LOCA, a transient-overpower situation was as-
sumed in order to match end-of-life steady-state fuel conditions with the initial
conditions of the LOCA described. The transient brought the fuel centerline
temperature from ~820 to -2300'C in such a way as to not appreciably affect
the fission gas retained in the fuel.

The middle graph of Fig. II.7 shows the calculated fractional
fission-gas release during the LOCA, assuming that all the gas trapped in the
closed porosity or reaching the grain edges of fuel located in one-third of the
4-m fuel rod was released. The mechanisms leading to this breakaway re-
lease (e.g., rapid edge-tunnel interconnection and/or grain-boundary separation)
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were assumed to occur in the first seconds of the LOCA (i.e., after the initial
overpower transient). Thus, a rapid increase (burst) in the fractional fission-
gas release (e.g., see the middle graph of Fig. 11.7) occurred in the first sec-
onds of the LOCA as the gas that was trapped in the closed porosity during
the steady-state irradiation (10.2%) was vented. For the rest of the LOCA,
the fractional fission-gas release increased due to intragranular diffusion.
The total calculated fission-gas release at the end of the LOCA is about 16%
of the totaA generated gas.

The bottom graph of Fig. II.7 shows Zircaloy yield pres-
sure, Py; maximum gas pressure, PGAS,MAX; and minimum gas pressure,
PGAS,MIN, as well as the cladding or gas temperature, T, throughout the
accident. The partial pressure of the initial helium fill gas is shown to ac-
centuate the fission-gas contribution to internal gas pressure. The pressure
of helium alone will cause cladding yielding early in the refill stage of the
accident at a cladding temperature of about 950C. According to the curve
for minimum gas pressure, PGAS,MIN (Fig. II.7), cladding yielding is pre-
dicted at a cladding temperature of about 975 C. However, from the curve
for maximum gas pressure, PGAS,MAX, cladding yielding is predicted at a
much earlier time (during blowdown) at a cladding temperature of about 830C.

c. Conclusions

The above GRASS-SST analyses of a hypothetical LOCA in the
H. B. Robinson reactor indicate that, if a network of intergranular separations
form and/or long-range porosity interconnection occurs in the fuel, internal
gas pressure can be expected to cause ruptures of fuel rods when cladding
temperatures in the accident approach 800C. Experiments are being per-
formed to determine the nature of microstructural change in UOZ fuels during
hypothetical LOCA conditions.

3. Comparison of GRASS-SST-calculated Bubble-size Distributions
with Experimental Measurements of DEH-tested LMFBR Mixed-
oxide Fuel (J. Rest, MSD and W. Wang, RAS)

In an attempt to verify GRASS-SST under a wide range of accident
conditions and for varying fuel types, work was initiated to compare GRASS-
SST-calculated bubble-size distributions with experimentally determined
bubble sizes In pre- and post-DEH-tested LMFBR mixed-oxide fuel. 4
Preliminary results indicate that the GRASS-SST-calculated bubble sizes for
these conditions agree reasonably well with the experimental observations.
This work is continuing, and the results of the analyses will be presented in
a future quarterly report.

4. Fission-gas Release from High-burnup LWR Fuel (J. Rest, MSD)

In 1969, Bellamy and Richls presented evidence that a large in-
crease in gas release can occur at burnups above 3 at. % for fuel rods with
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centerline temperatures below 1630 C. Below 3 at. % burnup, the fission-gas
release is compatible with diffusional release and "knockout" models. The
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Fig. 11.8. GRASS-SST Predictions for Ga
High-burnup LWR Fuel. Neg.?r

indicate that an enhanced rele

marked increase in gas release
above 3 at. % was believed to
arise in part from the ir.tercon-
nection of grain-boundary gas
bubbles and in part from the
fracture under thermal stress
of grain boundaries weakened
by gas bubbles.

Phenomena that result
in an enhanced rate of fission-
gas release during transient
heating conditions may also in-
fluence steady-state gas release.
Figure 11.8 shows GRASS-SST re-

~LJ....L _ sults for two hypothetical irradia-
7 9 9 10 tions in the H. B. Robinson reactor

(i. e., two extensions of the actual
irradiation history). GRASS-SST

s Release fro results for burnups >5% and
centerline temperatures <1200*C,ase of fission gas occurs from fuel regions in

which fission-gas swelling has exceeded the assumed value of ~5% for long-
range porosity interconnection (e.g., see Eq. 21). As shown in Fig. 11.8, the
breakaway gas release occurs later for lower-temperature (lower-power)
rods. In addition, the breakaway gas release will occur earlier for smaller
values of the critical swelling required for long-range porosity interconnection.
Other factors, such as the mechanical separation of grain boundaries caused
by applied stresses, can influence the amount and the time of breakaway
fission-gas release in high-burnup UOt fuel.

B. Experimental Program (S. M. Gehl and L. R. Kelman, MSD)

An additional test was performed and the analysis of the experimental
data was refined for the series of PCM simulations on the Robinson fuel.
Modifications to the procedure for calculating the radial temperature profiles
for the PCM-type tests allowed the development of improved correlations be-
tween the fractional gas release and the transient temperature histories.
A series of DEH tests was initiated to investigate the release of fission gas
during LOCA heating conditions. A fuel pellet from Saxton rod 843 was DEH-
tested to central melting under conditions similar to those experienced by
the fuel during the PBF-IE-1 test. The fission gas released during this test
was recovered and analyzed. The microstructures of DEH- and PBF-tested
Saxton fuel, and the DEH-tested Robinson fuel, were compared. The dissolu-
tion and gas-collection equipment for total gas analysis was rebuilt, and total
gas analyses were performed on as-irradiated and PBF-tested Saxton fuel.
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1. PCM-type Tests (S. M. Gehl and D. R. Pepalis, MSD)

The experimental conditions for Tests 34 and 35, which were
PCM simulations on Robinson and Saxton fuel, respectively, are summarized
in Table II. 1.

TAILE 11.1. Experimental Conditions for Tests 14 and 35

Test No.

Specimen No.

Fuel type.

Test duration, s

Power ramp, W/s
Programmed
Actual

Integrated power. 104 W. s

Xenon release
cmi/g
m1

Krypton release
cm Ig

155CC 17

Robinson

82

16
9.5

3.39

0.0026
0.38

Trace

35

178A1

Saxton

17

16
19

1.92

0.050
16

0.0093
17

- " ." "V

. ~ .

Fig. 11.0. Traiuverse Section through Specimnic from
T.st 33. Mag. 7.5X. Neg. No. MSD-192.-..

Metallographic examina-
tion of the fuel pellet DEH-tested
in Test 33 revealed the exis-
tence of a small, centrally lo-
cated melt zone, shown in
Fig. 11.9. The radius of the
melted region is equal to -20%
of the pellet radius. The areal
melt fraction is therefore equal
to -4%. The overall xenon and
krypton release fractions for
Test 33 were reported (in
ANL-77-59, p. 88) to be 42.6
2.6 and 49%, respectively. If
the liquid fuel is assumed to
have released its entire gas
burden, the release fractions
from the unmelted material,
which represents 96% of the
total fuel mass, are calculated
to be 40 3 and 47% for xenon
and krypton, respectively.
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2. Relationships between Gas Release and Transient Temperature
History (S. M. Gehl, MSD)

The improved cracking model described in Sec. II.B.4 was used
in the DEHTTD code to calculate the transient temperature histories for the
tests in the initial series of PCM simulations. The characteristic parameters
used to describe the temperature histories (discussed in ANL-77-59, pp. 89-92)
were evaluated for the revised calculations and are summarized, along with
the quantitative stereology parameters, in Table 1.2. These data supplant
the values reported in Table 1.11 of ANL-77-59. The analysis of the test
instrumentation data for Test 31 has been completed and is included in
Table 11.2. The "cracking factors," used for the temperature-history calcu-
lations and described in Sec. II. B.4, are also listed in Table 11.2. Three sig-
nificant figures are indicated for the temperature-history parameters to
permit relative comparisons within the data set and as an aid for determining
the effects of changes in the calculation procedure. Methods are being de-
veloped for estimating the absolute accuracy of the calculated parameters,
as discussed in Sec. II.B.4.

TABLE II.?. Temperature-history Parameters and Quantitative Stereology Results for PCM-type Tests

SiTdt. fli dRIdt
Xenon 10 oC.s f Tct. 104*C-s/mm I

Test Release. Cracking Power P Power dR J 
TCLmax' Swelling. S S'1

P. . Factor. F On Total 10 C-s On Total 102 C/mm C 5v 12 mm-1 10 mm 2/g

22 13.1 1 0.5 0.505 0.40 0.695 0.650 0.666 0.991 3.02 2480 0.155 14.8 3.32 2.93
23 1-5 0.190 0.342 0.498 0.405 0.369 0.35 1.91 1970
24 12.0 t 0.5 0.395 0.790 1.20 1.01 1.15 1.69 3.30 2610 0.131 12.4 2.60 2.10
26 59 * 2 0.655 1.09 1.79 1.54 2.21 3.58 5.71 3420 0.264 31.8 4.31 4.69
27 33.3 t 0.7 0.600 0.896 1.18 1.23 1.49 2.02 4.25 2850
29 2.0 t 0.6 0.105 0.603 0.892 0.810 0.797 1.03 1.46 1560 0.030 0 0.69 0
30 0.4 a 0.1 0.164 0.679 1.13 0.791 0.529 0.831 0.88 1280
31 20.1 a 1.5 0.464 15.5 15.8 22.3 25.0 25.4 3.80 2850 0.121 11.1 3.05 2.54
32 16.1 a 2.4 0.456 0.916 1.13 1.13 1.04 1.41 3.28 200 0.179 18.1 3.00 2.68
33 40 a 2.6 0.640 1.17 2.06 2.34 2.73 3.29 4.04 2950 0.213 23.3 4.21 4.23

The data in Table 1.2 were used to construct cross plots of the
temperature-history parameters that are analogous to Figs. 1.7-1.9 of
ANL-77-59. The revised cross plots, shown in Figs. 11.10-I.12, are qualita-
tively similar to the earlier versions. Figure 1.10 shows the existence of a
rough linear relationship between the two integral parameters f(dT/dR)dt
and f T dt. (See Table 1.10 of ANL-77-59 for an explanation of the notation
used in this discussion.) For clarity, the data for Test 31, which are larger
by a factor of -10 than the other values, were omitted from Fig. U. 10.

Linear relationships were als obtained in the graphs of the
maximum parameters, e.g., the curve of (dT/dR)max versus TCLmax shown
in Fig. U.11_. w ver, graphs of maximum versus integral parameters, e.g.,
the plot of (dT/dR)max versus f T dt in Fig. U.12, are characterized by large

p
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amounts of data scatter. The strengths of the relationships among the
temperature-history parameters were quantitatively characterized by per-
forming linear-regression analyses on the data sets plotted in Figs. II. 10-II.12.
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The results of these analyses, summarized in Table 11.3, demon-

strate that relatively strong correlations exist between the members of the

set of integral parameters, and between members of the set of maximum

parameters. However, the maximum parameters are only weakly correlated

with the integral parameters.

TABLE 11.3. Linear-regression Analyses of the Relationships among
the Temperature History Parameters

Equation of Regression Line

Slope, Intercept, Correlation
Regression of m b Coefficient, r

f(dT/dR)dt on f T dt
Including Test 31 16.2 -0.175 x 104 0.999
Omitting Test 31 18.7 -0.417 x 10 0.931

(dT/dR)max on TCLmax 0.214 -209 0.981

(dT/dR)max on f T dt
p

Including Test 31 0.063 x 10-j 30 0.200
Omitting Test 31 2.13 x 10-3 131 0.587

Because the integral parameters of Test 31 were so much larger

than those of the other tests, the regression analyses involving the integral
parameters were suspected to be unduly influenced by the values for Test 31.
Accordingly, these regression analyses were performed separately for cases
in which the Test 31 values were both included and omitted from the data set.

As shown in Table 11.3, the inclusion of Test 31 affects the correlation coeffi-

cients for the regression of f(dT/dR)dt onf T dt and of (dT/dR)max on f T dt,
p

but does not alter the conclusions about the relative strengths of the various
relationships.

Figures II.13-II.15 show relationships between percentage xenon
release and the temperature-history parameters. Weak relationships were
observed between xenon release and the integral parameters, as illustrated
by the graph of xenon release versus f TCL dt in Fig. II.13. Note the break

p
in the abscissa that is necessary to include the data point for Test 31. Stronger
relationships were obtained b plotting xenon release against TCLmax in
Fig. II.14, and against (dT/dR)max in Fig. II.15. Figure II. 14 indicates that
enhanced gas release occurred if the centerline temperature exceeded ~2500C;
Fig. II.15 indicates enhanced gas release for volume-averaged temperature
gradients in excess of ~300C/mm. The data points with leftward-pointing
arrows in Figs. II.14 and II.15 indicate upper bounds on the calculated tem-
perature parameters for Test 26. The calculated temperature history for
this test is known to have overestimated the true test temperatures because
the calculated melt radius (R/Ro = 0.50) exceeded the true melt radius
(R/Ro = 0.30). This discrepancy was caused by test-instrumentation problems
that led to uncertainties in the power and surface-temperature histories.
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Fig. 11.13. Percent Xenon Release as a Function of 'lime Integral at
Volume-averaged Temperature. ANL Neg. No. 306-78-38.
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The horizontal error bars on the data points in Figs. II. 14 and
II.15 indicate the spread in the temperature parameters that would result if
the calculated centerline temperatures were in error by as much as 100 C.

Figures II.14 and II.15 are similar in form to Figs. I1.11 and II.12
of ANL-77-59, i.e., the corresponding graphs prepared using the earlier
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method of temperature calculation. Comparison of these figures in ANL-77-59
with Figs. II.14 and 1I.15 shows that the correlations developed with the new

temperature-calculation method exhibit less scatter and greater reproducibility

than the earlier correlations.

3. Relationships between Gas Release and Microstructural Change
(S. M. Gehl, MSD)

Quantitative stereblogy measurements to determine the volume

swelling and the pore-solid surface area produced during transient heating
were performed on the fuel specimens used in Tests 31 and 33. The results

of these measurements, along with the stereology parameters for the earlier
tests, are summarized in Table II.2. Percentage xenon release is plotted as
a function of volume-averaged volume swelling in Fig. II.16 and as a function
of the new surface area per gram of fuel in Fig. II. 17. The new data points
in Fig. 11.16 follow the trend described for Fig. II.22 of ANL-77-59; i.e., en-
hanced gas release is observed for volume-swelling values greater than ~18%.
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Fig. 11.16. Percent Xenon Release as a Function of Fig. 11.17. Percent Xenon Release as a Function

Volume-averaged Swelling. ANL Neg. of New Pore-solid Surface Area. ANL
No. 306-77-310 Rev. 1. Neg. No. 306-77-536 Rev. 1.

The single data point in Fig. II.16 that shows an appreciable de-
parture from the curve is due to Test 31. However, when xenon release is
plotted as a function of new surface area (Fig. II.17), the data point for Test 31
falls in line with the other data points. This behavior indicates that the data
for Test 31 departed somewhat from the single relationship between swelling
and new surface area illustrated in Fig. II.19 of ANL-77-59. The reasons for
the departure are not known. This problem continues under study.
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4. Calculation of Transient Radial Temperature Profiles

(S. M. Gehl and J. Rest, MSD)

In the most recent discussion of the methods for calculating

transient radial temperature profiles (see ANL-77-59, pp. 105-107), we de-

scribed the use of a "cracking factor" to model the decrease in fuel thermal

conductivity caused by the formation of intergranular separations. The

thermal-conductivity expression used in the code is

Tk = (1 - F)Tk,

where Tj is the modified thermal conductivity used for radial profile calcula-
tions, F is the cracking factor, and Tk is the temperature-dependent thermal-
conductivity expression of Washington;' 6 i.e., Tk = 1.0/(0.04 + 2.57 x 10- 4 T) +
7.26 x 10-"T3, where T is the temperature in kelvins.

For the calculations, reported in ANL-77-59, F was assumed to
be zero at the start of transient heating, and to increase linearly with time to
a value of 0.5 at the time of maximum power input. The maximum cracking
factor was chosen to give a maximum centerline temperature of ~2850 C for
Test Z4, during which the fuel was thought, on the basis of the metallographic
examination, to have approached the melting temperature. The same value
of F was used for all tests.
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Fig. 11.18. Cracking Factor vs Pore-sol
Area. ANL Neg. No. 3066-9

Subsequently, metallographic
examination of the fuel from Test 33
revealed the presence of a small, cen-
trally located melt zone, as shown in
Fig. 11.9. However, fuel melting during
this test was not predicted. At the radial
limit of the melt zone, the predicted tem-
perature was ~ 280 C lower than the U02

melting temperature. Therefore, the
cracking model was altered to improve
the accuracy of the temperature-history
calculations.

In the new model, the maximum
cracking factor for each test was as-
sumed to be proportional to the posttest
pore-solid surface area. The relation-
ship between maximum cracking factor

|.. and pore-solid surface area, shown in
4.0 S. Fig. II. 18, was obtained by trial-and-

error matching of the calculated melt
radius to 0.2, the value measured for

id Surface Test 33. The maximum cracking factors
78-39. for each test are listed in Table 11.2.
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These factors were used for calculating the temperature parameters in
Table 11.2 and Figs. II.13-II.15. The pore-solid surface areas of specimens
for which the quantitative stereology measurements have not been performed
were estimated from the empirical relationship between xenon release fraction
and surface area.

Sensitivity studies are being performed to determine the effect on
the calculated temperature parameters of variations in the cracking factor,

electrical conductivity, and the voltage, current, and surface-temperature
histories. The absolute accuracy of the calculated parameters will be esti-
mated from these studies. The horizontal error bars in Fig. II.13 illustrate
the uncertainty in the correlations that would result if the volume-averaged

temperatures were in error by 100C. Similarly, the error bars in Figs. II. 14
and 11.15 were obtained by assuming a 100C variation in centerline

temperature.

The method outlined above for obtaining maximum cracking factors
is consistent with the progressive reduction in thermal conductivity as inter-
granular separations are formed. The present model represents a more
physically realistic treatment than the earlier model in which the maximum
cracking factor was a constant for all tests. Although the present model
adequately describes the tests performed to date, future modifications may
be warranted as additional experimental information becomes available.

5. ANL--EG&G Crosscheck Program (S. M. Gehl and D. R. Pepalis,
MSD; J. C. Hoh, CHM)

Total gas analyses by fuel dissolution were performed for three
axial positions in Saxton Rod 843. The results of these analyses, summarized
in Table 11.4, suggest that there may he a positiv. correlation between retained
gas content and burnup. The approximate burnup values listed in Table 11.4
were estimated from burnup determinations and the axial power profiles of a
group of Saxton fuel rods. 17

TABLE 11.4. Total Gas Content of As-irradiated and PBF-tested Saxton Fuel

Gas Content.

Distance from Approx 13urnup
Fuel Type Spec No. Rod No. Rod Bottom, m (rel to max) Xenon Krypton

As irradiated 178A3 843 0.61-0.69 -0.8 0.285 0.047

As irradiated 178A8 843 0.40-0.42 -1.0 0.321 0.054

As irradiated 178A7 843 0.38-0.40 -1.0 0.370 0.058

PBF-tested 178F3B 008 0.58-0.60 0.149 0.025

Note that, since the axial and radial variations in temperature,
temperature gradient, and heating rate (e.g., during power ramping) can also
affect the retention and redistribution of fission gas, the assumption of a
simple correlation between gas release and burnup is probably not warranted.
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As a result, interpolation routines will only yield approximate estimates of

the gas retention at sites that are intermediate to sites at which the gas content
was experimentally determined. With these qualifications, the ga. retention

before Test IE-1 at the 0.58-0.60-m level of Rod 008 is estimated to be

-0.3 cm3 /g. Therefore, the posttest gas content, listed in Table 11.4, indicates

that about 50% of the retained gas was released during PBF testing.

A specimen from ~0.48 m above the bottom of Rod 843 was tested

to central melting in the DEH apparatus. The.experimental conditions and the
measured fission-gas release for this test are summarized in Table II.1.
The percentage gas release values were normalized to pretest gas contents
of 0.32 and 0.054 cm 3 /g for xenon and krypton, respectively. A transverse

section through the DEH-tested Saxton fuel is shown in Fig. II. 19. The un-
melted portion of this fuel exhibits intergranular separations that are similar

to those observed in DEH-tested Robinson and PBF-tested material (see e.g.,

Fig. 11.24 of ANL-77-59). The melt zone of the DEH-tested Saxton fuel closely
resembles (except for size) the melted portion of the Saxton fuel from
PBF Test IE-1, shown in Fig. 11.20.

Both melt zones solidified in columnar-grain structures that are

relatively free of porosity. This appearance can be contrasted with that of
DEH-tested Robinson fuel, e.g., Fig. 11.9, in which the melt zone is a frothy
or foamy mixture of equiaxed grains and roughly spherical, gas-filled pores.
The contrasting appearances of these melt zones are probably the result of
the different radial distribution of retained fission gas for the two fuel types.
The load-following irradiation behavior of Saxton fuel produced high fuel
centerline temperatures and, consequently, grain growth and fission-gas re-
lease in the central portion of the fuel. As a result, a relatively small amount
of fission gas was available for release when central melting of the fuel oc-
curred during DEH or PBF testing.

On the other hand, gas release and/or redistribution were nearly
negligible during the Robinson irradiation. Therefore, a large amount of gas
remained in the central region of the fuel until it was released on melting
and collected in the bubbles shown in Fig. 11.9.

6. LOCA Simulations (S. M. Gehl, D. R. Pepalis, and J. A. Buzzell, MSD)

The thermal transients experienced by the fuel during the refill
phase of a LOCA are characterized by temperature differentials of -100'C be-
tween the centerline and surface, i.e., radial temperature gradients of
-20'C/mm (see ANL-77-34, p. 54). To produce temperature gradients of this
magnitude with the DEH technique, radial heat losses must be reduced. The
present series of LOCA simulations is being performed in DEH equipment
designed and primarily used for LMFBR safety studies. 1 8 The fuel specimen
in this equipment is surrounded by a tungsten-mesh heating element with
programmable power control. Scoping experiments using irradiated Robinson
fuel and this equipment have been performed to determine the DEH and
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Fig. 11.19. Transverse Section through DEH-tested Saxton Fuel.
Specimen Was Taken from ~0.48 m above the bottom
of Rod 843. Mag. 10.6X. Neg. No. MSD-192085.

Fig. U.20. Transverse Section through the 0.80-m Level
(above the rod bottom) of PBF-tested Rod 008.
Mag. 9.9X. Neg. No. MSD-192028.
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external-heater power requirements needed to produce small radial tem-
perature gradients at surface temperatures in excess of 1500C. The results

of these experiments will be used to determine the power input profiles for
the LOCA simulations planned for next quarter.
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III. MECHANICAL PROPERTIES OF ZIRCALOY CONTAINING OXYGEN

H. M. Chung, A. M. Garde, and T. F. Kassner, MSD

A. Summary

Mechanical-property data are being obtained on Zircaloy-4 cladding,
sheet, and bar material after oxidation in steam under conditions that simulate
thermal transients in postulated loss-of-coolant-accident (LOCA) situations
in light-water reactors (LWR's). The information will be used to establish a
more quantitative cladding-embrittlement criterion and to provide a basis for
evaluating cladding deformation over a wide range of LOCA and power-coolant-
mismatch (PCM) conditions.

An integral tube-burst/tensile-test experiment has been developed in
which (1) the Zircaloy cladding is ruptured in steam under transient-heating
conditions (10 K/s), (2) oxidation at the inner and outer surfaces proceeds
during a nearly isothermal oxidation period of a simulated LOCA transient,
(3) the specimen is cooled at "5 K/s from the oxidation temperature to "810 K
and rapidly quenched to "430 K by bottom-flooding the tube with water, and
(4) an in-situ tensile test is performed on the ballooned Zircaloy tube to deter-
mine the residual strength and ductility.

The capability of the cladding to withstand thermal shock during quench-
ing is also being evaluated in these tests and in similar experiments in which
the cladding is subjected to bending loads at room temperature after quenching
by bottom-flooding with water. The extent of oxidation at the inner and outer
surfaces is being correlated with the time at temperature, steam access to
the inner surface of the pellet-constrained cladding after rupture, and axial
and circumferential temperature variations in the tube. Anomalous oxidation
at the outer and inner surfaces has been observed for a limited range of tem-
peratures (l1170-1300 K) and oxidation times between "2 and 20 ks; however,
the accelerated local oxidation did not significantly affect the behavior of the
cladding during thermal shock or under normal handling conditions.

A drop-tower instrumented impact testing system, which incorporates
direct-electrical heating of the specimen, has been assembled to determine
the dynamic fracture toughness of composite and homogeneous Zircaloy-oxygen
alloys. Sheet specimens and subsize Charpy bars have been fabricated from
Zircaloy-2 and -4 material, and the specimens were oxidized under controlled
conditions to produce a range of oxygen concentrations and oxygen distributions
in the materials. Several as-received and oxidized specimens were impact-
tested at room temperature, and methods for determining fracture-toughness
values from the energy- and load-versus-time curves have been developed.



48

B. Impact Properties of Zircaloy-4/Oxygen Alloys

1. Impact-testing System

A Dynatup Model 8000A drop-weight impact machine with an instru-
mented tup and data-readout system was purchased from Effects Technology,
Inc., Santa Barbara, CA. The drop-weight testing machine can accommodate

different specimen sizes and geometries, and the impact velocity and available

energy can be varied by altering the drop height and weight of the crosshead.
The maximum impact velocity and impact energy obtainable with this machine

are 4 m/s and 1.3 kJ, respectively. An optical velocity-measuring device
and a digital display system provide the initial and final tup velocities and a
value for the absorbed energy during impact. Load- and energy-time data

are obtained from an instrumented tup and recorded on a dual-beam storage
oscilloscope. The instrumented tup consists of a striking head and a strain
gauge with a four-arm semiconductor bridge circuit. The strain gauge, which
senses the compressive load on the tup during test-specimen impact, is cali-
brated by a dynamic loading technique.

Figure III.1 shows the testing machine and instrumentation, and
Fig. 111.2 is a schematic diagram' of the data-readout system. Figures 111.3
and III.4 show the pneumatic clamps that hold the specimen in position on the
anvils. The anvils are electrically insulated from the base plate, and the
specimen is heated by resistance heating. Just before impact, the power to
the specimen is interrupted, and the clamps are released to remove any con-
straint on the specimen (i.e., to allow a three-point-bend test configuration).
Thermocouples attached to the specimen control and monitor the temperature.

DROP TOWER IMPACT MACHINE
AND ACCESSORIES

GUIDE POSTS T E

DIGITAL VELOCITY
S ENERGY DISPLAY
UNIT

CROSSHEAD CONTROL

CROSSHEAD SIGNAL CONITIONER
WEIGHT , SPECIMEN

RESISTANCE-
HEATING
POWER CONTROLLER

POWER

PROTECTED TRANS FORMER
SHIELDS

Fig. 111.1. Drop-tower Impact-testing Apparatus.
ANL Neg. No. 300-77-650.
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Fig. 111.3. Anvil Region of Impact-testing System Showing Specimen.
Tup, and Pneumatic Clamps That Grip the Specimen
during Resistance Heating. Climps are in the open
position. ANL Neg. No. 306-77-655.
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Fig. 111.4. Anvil Region of Impact-testing System Showing
Pneumatic Specimen Clamps in Closed Position.
Clamps release immediately before Impact.
ANL Neg. No. 306-77-654.
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2. Specimen Geometry

Two specimen geometries were selected for the impact tests (a
10-mm-wide x 55-mm-long x 0.65-mm-thick sheet and a 5-mm-wide x 5-mm-
thick x 55-mm-long subsize Charpy bar with a 1-mm-deep 450 notch and a
0.25-mm-root radius). The subsize Charpy specimen was designed in ac-
cordance with ASTM Standard E23-72.

The specimen dimensions were based on the following considera-
tions. Thin specimens are required to minimize the time for oxygen diffusion
during high-temperature homogenization of oxidized Zircaloy specimens.
Also, the impact data will be used to determine the dynamic toughness and
fracture behavior of relatively thin Zircaloy cladding. A valid determination
of plane-strain fracture toughness KIC or the dynamic toughness KID requires
that basic assumptions of linear-elastic fracture mechanics must be satisfied
in the experimental test methods and conditions; e.g., the zone of plastic de-
formation should be small in comparison with both the crack size and the
planar dimensions of the specimen.

Since the testing program will be focused on Zircaloy-o:ygen al-
loys, which are expected to exhibit limited plasticity, the specimen size can
be somewhat smaller than for a specimen design based on the properties of
as-received Zircaloy. The influence of specimen size on the impact properties
will be investigated for Zircaloy-oxygen alloys with two oxygen concentrations.
In addition to the notched specimens, with and without fatigue precracks, un-
notched specimens will also be tested.

The compositions of the Zircaloy-2 and -4 materials used to fab-
ricate the impact specimens are the same as those of the tensile specimens
reported in Ref. 3. The oxygen-charging and homogenization conditions (times
and temperatures) for the sheet- and bar-type specimens are listed in
Tables III.1 and 111.2, respectively. The specimens were cooled through the

Sa' transformation at "3 and 6 K/s after oxygen charging and homogenization,
respectively.

TABLE III.1. Oxygen-charging and Homogenization Conditions
for Zircaloy-4 Sheet Impact Specimens

Charging Charging Charging Oxygen Homogenization Homogenization
Temperature Time Atmosphere and Content, Temperature Time

TC. K tc, s Pressure, Pa wt % TH. K tH. ks

1273 600 Steam 3.37 x 104 4.24 - -

1273 480 Oxygen 8.67 x 104 2.83 - -

1273 45 Steam 3.37 x 104 1.58 - -

1173 300 Oxygen 6.67 x 104 1.02 1673 21.6

1173 60 Steam 1.33 x 102 0.95 - -

1123 75 Steam 1.0 x 102 0.24 - -
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TABLE 111.2. Oxygen-charging and Homogenization Conditions
for Zircaloy-2 Subsize Charpy Impact Specimens

Charging Charging Charging Oxygen Homogenization Homogenization
Temperature Time Atmosphere and Content, Temperature Time

TC. K tc, s Pressure, Pa wt % TH, K tH, ks

1271 900 Steam 3.37 x 104 1.51 - -

1273 2400 Oxygen 9.87 x 104 1.78 - -

12,3 480 Steam 3.37 x 104 1.33 - -

1273 6- Steam 3.37 x 104 0.55 - -

1273 45 Steam 1.0 x 104 0.36 - -

1273 180 Steam 1.35 x 104 0.73 1673 594a

1278 240 Steam 1.68 x 104 0.91 -

1273 80 Steam 1.68 x 104 0.49 1673 432

1293 30 Steam 1.68 x 104 0.37 1573 950.4

1173 30 Steam 1.68 x 104  0.24 1573 684

1278 60 Steam 6.67 x l02 0.37 - -

aMicrohardness measurements indicated that the homogenization time was more than enough to

achieve a uniform oxygen concentration across the thickness of the specimen.

Microhardness measurements were made across the thickness of

several specimens to determine if the homogenization period was enough to

produce a uniform oxygen concentration across the specimen.

3. Impact-testing Procedure

The frequency response of the recorder .ystem sets a lower limit

on the total test time and an upper limit on the initial velocity for a valid im-
pact test. The response time (TR = 0.35fc, where fc is the frequency that

yields a 10% attenuation in the signal amplitude) was measured at different

levels of sensitivity of the recording system.

Before tests were conducted on the oxidized Zircaloy specimens,

the instrumented tup and data-readout instrumentation were calibrated by

fracturing standard Charpy V-notch specimens fabricated from 6061-T6 alu-
minum and 4340 steel with a hardness of Rc 54. The load- and energy-versus-
time traces during fracture of the aluminum specimens are recorded on the
oscilloscope, and the amplifier gain in the unit is adjusted so that the recorded
load limit coincides with the reported load limit for this material. The alu-
minum alloy (6061-T6) was chosen as a standard because its room-temperature
properties are not strain-rate-dependent; i.e., the static and dynamic limit
loads d' not differ significantly. The linearity of the calibration was estab-
lished from the results obtained from the 4340 steel specimen, which has a
considerably higher limit load. The optical velocimeter system also requires
calibration so that the initial and final velocities of the tup can be calculated.
The initial velocity is entered into the unit that integrates the loe '-time signal
to produce a value of the impact energy.
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4. Impact Data Analysis

Figures 111.5 and 111.6 are load-versus -time traces for a homo-

geneous Zircaloy-oxygen alloy (0.63 wt % oxygen) and an as-received specimen
with 0.1 wt % oxygen. The curve in Fig. 111.5 is typical of linear-elastic frac-

ture, in which fracture occurs before measurable yielding of the specimen is

evident. In the as-received specimen (Fig. 111.6), yielding precedes an elastic-

plastic fracture of the material. The load oscillations in the initial linear
(elastic) portions of both curves are due to inertia effects. 4 ' 5 The interference

imposed by these oscillations when recording true specimen response during

loading can be minimized by decreasing the initial impact velocity. In com-

posite specimens, the load oscillations could also be due to delamination of

the oxide or alpha layers.

I I 1I I
AREA PROPORTIONAL TO AREA PROPORTIONAL TO

~ma~ Ep

-- I
00
J-

0O

0 0

0 i 0 If

TIME TIME

Fig. 111.5. Load-vs-Time Record for a Typical Fig. 111.6. Load-vs-Time Record for a Typical

Linear-elastic Type Fracture of an Elastic-plastic Type Fracture of an
Oxidized Zircaloy Specimen with As-received Zircaloy Specimen at
0.63 wt % Oxygen at 296 K. ANL 296 K. ANL Neg. No. 306-77-653.
Neg. No. 306-77-651.

In Fig. III.6, PGY is the load at which complete section yielding
occurs. If fracture (a crack) is assumed to initiate at the maximum load Pmax
the area under the load-time trace, which is directly related to the total en-
ergy AEO absorbed by the specimen, can be divided into two parts: the energy
required for crack initiation EI and that for crack propagation Ep. Both en-
ergy values can be normalized with respect to the fracture area, and a ductility
index6 '7 can be defined as

E(
DI ==. (1)
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The loads PGY and Pmax as well as the absorbed energy will be

plotted as a function of the deformation temperature. The ductile-brittle
transition temperature To, for a given oxygen concentration and distribution
in the material, will be defined by Pmax = PGY

The uniaxial yield stress of the Zircaloy-oxygen alloys 3 will be
compared with an equivalent yield stress ay obtained from the value of PGY
in the Charpy three-point-bend impact test and the relation

PGYL

a B(W - a)ZC

where W, a, and B are the thickness, notch depth, and width of the specimen,
respectively, L is the support span for the specimen, and C is a constant
(i.e., C = 1.19 for a Charpy notch8 '9 ).

The dynamic fracture toughness KID can be calculated by the fol-

lowing procedure for specimens that exhibit linear-elastic behavior, in which

Pmax<PGY (e.g., Fig. 111.5):

6Ya0 -5Pmax
KID= BW , (3)

where Y is a geometric parameter, which can be obtained from reported

curves.Z The stress-intensity loading rate KID can be calculated from

KID = KID,(4)
KID)tf

where tf is the time to attain maximum load.

For specimens that exhibit elastic-plastic deformation before

fracture (Pmax> PGY)' the fracture toughness can be calculated by either the
equivalent-energy method or the J-integral approach. Both analyses require
the corrected energy to initiate fracture EI, which can be obtained from

E = Wi - Em, (5)

where WI represents the energy associated with the maximum load on the load-
time record, and Em is the elastic stored energy in the testing machine, which
can be obtained from the machine compliance Cm. The machine compliance
can be represented by

Cm = Ct - Cs, (6)
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where Ct and Cs are the total system and specimen compliances, respectively.
The specimen compliance can be obtained from a plot4 of EBC5 versus the

ratio of the specimen notch depth to its thickness a/W, where E is the elastic
modulus of the specimen material. The total compliance can be obtained from
the elastic portion of the load-time trace; i.e.,

Ct = Da/Pa, (7)

where Da is the apparent combined deflection of the specimen and the machine

under the load Pa. The deflection Da can be obtained from

Da = Vta, (8)

where v is the average velocity of the crosshead during impact, and ta is the

time to produce fracture in the specimen. The elastic stored energy in the
machine can be obtained from

E = PmaxCm (9)
Em 2a

and the result can be substituted into Eq. 5 to obtain values for EI. The equiva-

lent load P* is given by

2E .- 5

I (10)P* = --C.S)0

The equivalent-energy fracture toughness K* can be calculated by substituting

the value of P* into Eq. 3.

In the J-integral approach, a critical dynamic value of J (i.e., JD)

is given by

2E1
JD = * 11)

(W - a) B

and the fracture toughness KJD is calculated from

KJD = [(I-)B (12)

The stress-intensity rate k can be calculated by dividing the values of KJD
by the time to attain maximum load, as in Eq. 4. The procedure outlined
above will be used to obtain fracture-toughness values for homogeneous and
composite Zircaloy specimens as functions of temperature and oxygen content
in the material.
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C. Tensile Properties of Zircaloy-4/Oxide Composite Specimens

We have evaluated a method of estimating the yield stress of Zircaloy-

oxide material from the properties of the individual a- and P-phase layers,
with different oxygen concentrations. The tensile properties of composite

specimens and of a'- and n-phase Zircaloy, with a range of oxygen concentra-

tions, have been reported. 3 For a composite layered specimen (e.g., c j '
Z rOzIc'IZ rOz, Z rOz ItIaIZ rOz, or Z rOz laa + lco'IZ rOz), the strain in each

region of the specimen cross section before cracks develop in the external
layers is the same. If we assume that the composite consists of homogeneous

layers of different composition, stress in a composite specimen cc can be

calculated from the mixture rule

cc = A1 a1 + A2a2 + (1 - Al - Az)a3 , (13)

where A1 and A2 are the fractional cross-sectional areas of the oxide and

o' layers (obtained from the layer thicknesses), and a , a, and 03 are the yield

stresses of the respective layers. The stress in each layer of a composite
specimen was estimated from the yield stress of material with a given oxygen

content. 3 The average oxygen concentration in each layer was estimated from

the layer thickness, the oxygen concentrations in the various layers at the

interfaces (obtained from the pseudobinary Zircaloy-oxygen phase diagram3

at the oxidation temperature), and the oxygen-concentration gradients in the
a' and P layers that result from the time-temperature conditions during oxida-

tion and deformation.

Since cracks develop in the oxide layer of the specimens at quite small
strains, the oxide layer does not contribute to the strength of the composite;
therefore the properties of the oxide were not included in Eq. 13. Table 111.3
shows the calculated and measured - old stresses for several composite
Zircaloy specimens with total oxygen content between -0.8 and 1.9 wt %. The

fractional thickness of the a' and P or (a' + S) layers, the average oxygen con-
tent of the layers, and the yield stresses of material with the respective oxygen
concentrations that were used in Eq. 13 are also tabulated. The agreement

between the measured and calculated values is good; however, poor agreement

between measured and calculated yield stresses resulted when large oxygen-

concentration gradients were present in the a' and P phases.

TABLE 111.3. Comparison of Calculated Yield Stress of Composite Zircaloy/Oxide
Specimens (Based on Mixture Rule) with Measured Values

Composite Yield Yield Calculated Measured
Total Deformation oa P Stress Stress Fractional Fractional Yield Yield

Oxygen, Temperature. Oxygen. Oxyn., a . , -layer p-layer Stress, Stress,
wt % K wtt wt 7. M a' Ma Thickness Thickness MPa MPa

0.85 1373 -2.0 -0.6 27.6 7.93 0.22 0.78 12.3 12.40
0.82 1073 0.3 - 55.2 - 0.88 - 48.3 48.3
1.90 1273 .3.1a -1. 11b 55.0 20.7c 0.13 0.83d 24.4 27.6
1,90 1173 -3.0 -1.1 63.8 27.6C 0. 0.87d 29.2 21.6
1.90 1473 ~2.5a -0.80 23.1 6.9 0.47 0.53 16.4 16.6

Average oxygen concentration of a layer.
bAverage oxygen concentration of (a + +P layer.
CYlofd stress of Zircaloy with ^3.0 wt % oxygen at deformation temperature in (a + P0 phase region.
dFractional thickness of central to + P layer.
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D. Integral Tube-burst/Tensile Properties of Zircaloy-4 Cladding in a Steam
Environment

The capability of oxidized Zircaloy cladding to remain intact after

bending with minir.lal force was evaluated qualitatively at room temperature.'0

The results of these scoping experiments in an air environment were used to
establish the oxidation time at 1000-1450*C that results in "embrittlement"
of the cladding, i.e., a circumferential through-wall crack produced when the
material was cooled from the oxidation temperature to ~300 K or by "normal
handling" of the tube during removal from the apparatus. To obtain more
quantitative information on the mechanical response of the material after a
simulated LOCA transient, in-situ uniaxial tensile tests are being performed
on tubes that remain intact after transients that incorporate (1) rupture of the
cladding in steam, (2) isothermal oxidation of the inner (ID) and outer (OD)
surfaces, (3) cooling of the tube from the oxidation temperature to 0"810 K at
a controlled rate, and (4) quenching of the tube by bottom-flooding with water.

1. Test Apparatus and Experimental Method

Schematic diagrams of the apparatus used in the integral tube-
burst/tensile tests are shown in Figs. 111.7 and 111.8. The specimen region of
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Fig. 111.7. Schematic of Specimen Region of
MTS Machine Used in Integral Tube-
burst/Tensile Tests on Zircaloy-4
Cladding. ANL Neg. No. 306-77-602.
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Fig. 111.8. Schematic of Specimen Heating and
Temperature-monitoring Methods for
Integral Tube-burst/Tensile Tests
on Zircaloy Cladding in a Steam
Environment. ANL Neg. No. 306-77-604.
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a biaxial MTS servohydraulic testing machine is shown in Fig. 111.7. The
pellet-constrained Zircaloy-4 cladding was ruptured under internal pressure

during transient heating while the MTS machine was operating in the auto-

matic load-control mode to maintain zero axial load on the specimen. The
specimen was induction-heated at a controlled rate of 10 K/s, and the tem-
perature was monitored by Pt-Pt 10% Rh thermocouples (welded to 0.2-mm-
thick iridium foils attached to the tube) and by an infrared pyrometer (Fig. 111.8).
A small steam generator was used to circulate steam (at 0.13-0.19 MPa) past
the specimen for oxidation times up to -18 ks. After the specimen was cooled
from the isothermal oxidation temperature to -810 K at 5 K/s, the specimen
was quenched by admitting water to the bottom of the quartz tube (rise rate

of 50 mm/s). The water was then drained from the tube, and the MTS machine
was transferred to the stroke-control operation mode for tensile testing. Load-

elongation data were obtained from the output of the load cell and the linear-
variable-differential transducer (LVDT) attached to the tube.

2. Tensile Properties of Zircaloy-4 Cladding after Rupture and
Isothermal Oxidation in Steam

Figure III.9 shows typical temperature/time and pressure/time

curves for . test in which isothermal oxidation occurred at "1270 K for 1.8 ks.
The temperature recorded by a thermocouple located near the ballooned region

of the tube is lower than that at nonballooned regions because of greater heat
loss through the larger surface area and additional cooling at the inner sur-
face. After the tube was bottom-flooded with water, the residual heat in the
alumina pellets resulted in a cladding temperature of ~430 K.

CLADINGT

i ONNONBALLOONED AREA

y7.3.-1273

6.41
T HE RMOCOUPLE
ONIAALLOOED COOLING RATE gg

HEATING RATE

Hing at, Iohra xdto emeaue n oln

by BOTTOM FLOODNG 43

" 296

0

TIME c + )

Fig. 111.9. Schematic of Typical Profiles of Temperature and Internal Pres-

sure vs Time in an integral Tube-burst/Tensile Test in Which

Heating Rate, Isothermal Oxidation Temperature, and Cooling

Rate are Controlled. Note the large temperature difference be-
tween the ballooned and nonballooned regions of the specimen
after rupture of the cladding. ANL Neg. No. 306-77-597.
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Load-elongation curves for two specimens that had undergone
thermal transients, similar to the transient in Fig. 111.9, are shown in
Fig. III.10. A helium leak through the burst opening of one of the specimens

prevented the ingress of steam and resulted in a somewhat greater strain at
failure because of a smaller degree of oxidation at the inner surface. Data
on ultimate tensile strength and strain at failure are being obtained for tubes
burst in steam at ~920 and 1320 K for different isothermal oxidation periods
at temperatures between '1170 and 1670 K. The results will be analyzed in
terms of the oxidation parameters and metallurgical variables described in
Ref. 10.

TROKE RATE 0.254 mm s-'

I0-00 OXDATION

.1 I 1 -I I L

I I I I I I I I
I I _

S
00 OXIDATION
ONLY -

-I

-0.3 -0.2 -0.1 0 0.1 0.2 03 0.4

ELONGATION Cmm)

Fig. 111.10
Load-vs-Elongation Curves at 430 K for Two Pellet-
constrained Zircaloy-4 Specimens from Integral
Tube-burst/Tensile Tests. The tubes subjected to
a temperature transient similar to that in Fig. 111.9
ruptured at 1159 K under an initial internal pressure
of 3.45 MPa, were oxidized in steam for 1.8 ks at
1273 K, slow-cooled to ~810 K, quenched by
bottom-flooding with water, and tensile-tested. A
smaller degree of oxidation at the inner surface in
one of the tubes, due to a continuous flow of helium
gas from the burst opening, resulted in a somewhat
larger elongation at failure. ANL Neg.
No. 306-77-595.
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E. Integral Tube-burst/Thermal-shock Properties of Oxidized Zircaloy-4

Cladding

1. Experimental Methods

The apparatus used for transient-heating burst tests"1 was modified
to incorporate the capability for extended oxidation times in steam after rupture

of the tube and for bottom-flooding the specimen with water. Typically,
six thermocouples were spot-welded to the cladding. The outputs of four ther-

mocouples were recorded on two dual-pen strip-chart recorders, and the
isothermal oxidation temperature was controlled by the thermocouple that
indicated the highest temperature (generally located on a nonballooned region
of the tube). Temperature differences as large as ~160 K, evident from dif-

ferences in the brightness of the tube, were measured at maximum oxidation
temperatures of 1270-1370 K. The test parameters in the integral tube-burst/
thermal-shock tests were analogous to those in the tube-burst/tensile tests,
i.e., initial internal pressure of 6.89 MPa, heating rate of 10 K/s, axial gap
of 2.5 mm, pellet-cladding diametral gap of 0.2 mm, and a water rise rate of
-50 mm/s during bottom flooding.

After a thermal transient, similar to that in Fig. 111.9, the speci-
men was examined for failure by thermal shock before disassembly and re-
moval from the apparatus. The specimens were mounted and sectioned in the

regions where the thermocouples were located for metallurgical evaluation of
the thicknesses of the oxide, ', and transformed 0 layers. Consequently, the
local cladding temperature and various oxidation parameters could be ac-

curately correlated.

2. Failure of Oxidized Zircaloy-4 Cladding by Thermal Shock

An initial internal pressure of ~6.9 MPa and heating rate of 10 K/s
resulted in maximum circumferential strains at failure between 0.65 and 1.0
for burst temperatures near 1050 K, in good agreement with Ref. 12. The
capability of the Zircaloy cladding to withstand thermal shock by bottom-
flooding with water is shown in Fig. III. 11 for specimens oxidized for different
times at temperatures between ~1130 and 1530 K. Specimens that remained
intact after the quench but failed during normal handling (i.e., bending with
minimal force at room temperature) are indicated in the figure. No circum-
ferential through-wall cracks occurred in specimens that were oxidized in
steam at temperatures X1300 K for times up to -18 ks.

Scanning-electron micrographs (SEM's) of the failed specimens
(see Fig. III. ii) indicated a brittle fracture mode. Figure III. 12 shows a
typical fractograph of a specimen (oxidized for 3.5 ks at 1410 K) that failed
during quenching from 810 K. Intergranular fracture is evident in the a-phase
regions of the specimen. The arrow indicates a trace of the previous 0 phase.
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Fig. 111.12

SEM Fractograph of a Zircaloy-4 Tube That
Failed by Thermal Shock after Rupture in
Steam (Internal pressure 6.89 MP, heating
rate 10 K /s, burst temperature 1066 K) and
Oxidation at 1413 K for 3.5 ks. The arrow ALPHA
indicates a small region of transformed

S phase at the midwall location. ANL Neg. 100 pm
No. 306-77-612.
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Figure 111.13 shows the cross section of a cladding tube that rup-
tured at 1070 K and was then oxidized for 18 ks at 1273 K. This specimen did
not fail during the quench nor by normal handling. The central $-phase region
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of the specimen (Fig. III.13A) was virtually saturated with oxygen as a result
of the oxidation conditions (-0.19 wt % at -1273 K from the pseudobinary

Zircaloy-oxygen phase diagram). 3 '"3 During slow cooling (5 K/s) through the
- a' transformation (-1270 - 1085 K), oxygen redistribution also occurs and

results in elongated o' grains (Fig. III.13B), that have a higher oxygen con-

centration than the surrounding material. A distinct difference in the micro-
hardness in the two regions of a similar specimen was established previously.1 4

ANOMALOUS OD OX IDE

ALPHA
=NORMAL OD OXIDE

ALPHA

) BETA

ALPHA

ANOMALOUS ID OXIDE

Fi,. 111.13. Optical Micrographs of (:ron Section of Lircaloy-4 Tube after Rupture in
Steam at 1083 K and Oxidation at 1273 K for 18 k<. (A) Entire cross sec-
tion that shows anomalous' oxide formation at the outer (arrow) and inner
surfaces, and (N) bar-shape a platclet in the central transformed 3 region
of the specimen. ANL Neg. No. 30G-77-i19.

Figure III. 14 shows fractographs of the specimen described above
(see Fig. III.13) after fracture at room temperature by bending. Brittle frac-
ture occurred in the high-oxygen a' grains, whereas some ductile deformation
is evident in the surrounding material (Fig. III. 14B). Based on these observa-
tions, oxygen redistribution in the central P-phase region of an oxidized
Zircaloy tube that occurs during cooling through the 0 -+ '' transformation
will be an important parameter with regard to embrittlement of the material.



OD OXIDE

ALPHA

FORMED BETA

L-I

Fig. 111.14

The embrittlement results in

Fig. III. 11 have been examined in terms

of the oxidation parameters described

in Ref. 10 [e.g., the equivalent-cladding

reacted (ECR) parameter, fractional

thickness of the transformed P region Fw,

fractional saturation of the phase at

the isothermal-oxidation temperature,

and the oxygen concentration at the

center of the $-phase layer]. Failure

maps relative to each of the parameters

and the oxidation temperature in steam

are shown in Figs. III. 15-III. 18. With
regard to cladding failure by thermal

shock after slow cooling from the oxi-

dation temperature to -810 K and by

bottom-flooding with water, the amount

of oxidation necessary to produce fail-

ure at oxidation temperature X1370 K

is greater than the 17% ECR criterion

(Fig. III. 15).

The 17% ECR limit was based,
in part, on the results of Hesson etal., 5

in which the cladding was oxidized at

temperatures ?1470 K and quenched
directly into water without slow cooling

to an intermediate temperature.

SEM Fractographs of Specimen Shown in Fig. 111.13
That Survived the Water Quench but Failed during As in the case of failure of the
Bending. (A) Different fracture morphologies for the Zircaloy cladding by "normal handling"
oxide, a, and transformed 3 phases and (B) cleavage after oxidation in air, O no simple cri-
fracture of the bar-shape a' platelets and limited terion based on the Fw parameter is
ductile fracture in the region between the platelets.
ANL Neg. No. 306-77-620. evident from the results in Fig. III. 16.

The failure map relative to the frac-

tional saturation of the P phase (Fig. III. 17) indicates that virtual saturation
of the P phase is required for failure by thermal shock, which is similar to
the failure results by "normal handling" for oxidation temperatures 51470 K LO
However, this parameter does not provide a sensitive measure of the degree
of embrittlement at temperatures :1300 K.

The failure map relative to the oxygen concentration at the center
of the 0-phase region of the specimen in Fig. II.18 reveals that all specimens
with a mid-0-layer oxygen concentration ?0.4 wt % failed from thermal shock
or by "normal handling."
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Failure Map for Lircaloy-4 Cladding by Ther-
mal Shock or Normal Handling Relative to

Equivalent-cladding-reacted (ECR) Parameter
and Oxidation Temperature after Rupture in
Steam. ANL Neg. No. 301-77-599 Rev.2.
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Failure Map for Zircaloy-4 Cladding by
Thermal Shock or Normal Handling Rela-
tive to Mid-8-layer Oxygen Concentration
and Oxidation Temperature in Steam. ANL
Neg. No. 306-77-601 Rev. 1.
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Additional integral tube-burst/thermal-shock tests will be con-

ducted in steam at l1300 K to establish the time-temperature conditions that
result in failure by thermal shock and bending with minimal force. A better
understanding of oxygen redistribution during the 0 - o' transformation is re-
quired to define a failure criterion in terms of the morphology and properties
of the transformed 0 phase. A correlation of the failure characteristics based
upon this type of analysis should be more quantitative than a quantity based
solely on the oxygen concentration and distribution in the material at the
maximum oxidation temperature.
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Fig. 111.17
Failure Map for Zircaloy-4 Cladding by Ther-
mal Shock or Normal Handling Relative to
Fractional Saturation of 8-phase Region by
Oxygen at the Oxidation Temperature. ANL
Neg. No. 306-77-596 Rev. 1.



65

3. Oxidation Characteristics of Inner and Outer Surfaces of

Zircaloy-4 Cladding Ruptured in Steam

Several specimens from the integral tube-burst/thermal-shock

tests were sectioned in the vicinity of thermocouple locations to evaluate the

extent of oxidation at inner and outer surfaces as functions of the circumfer-

ential position around the tube and the axial distance from the burst opening.

Factors influencing the amount of oxidation at the inner surface include the

local temperature, steam-supply rate through the burst opening, pellet-cladding

gap distance after rupture, and the extent of local cracking in the oxide and

a layers.

The circumferential temperature variation in the deformed clad-

ding can be significant during isothermal oxidation because of differences in

the pellet-cladding gap distance and the enhanced heat loss by radiation and

convection in ballooned regions due to the greater surface-to-volume ratio of
the cladding. Figure III. 19 shows cross sections of a Zircaloy tube at the

rupture location (Fig. III.19B) and directly opposite the rupture (Fig. III. 19A)
after isothermal oxidation in steam at 1316 K for 2.0 ks. Based upon parabolic

oxidation kinetics1 6 and the measured oxide-layer thicknesses, the calculated

temperatures at the respective locations on the inner surface of the cladding
were ~1230 and 1380 K. These values are within ~85 K of the measured clad-

ding temperature (1316 K) at the same axial location on the outer surface.

The temperatures at the inner and outer surfaces in the fracture location are

the same as indicated by the equivalent oxide- and a-layer thickness.

In addition to the size of the burst opening, tight contact between

the alumina pellets and the cladding occurs because of axial contraction and

bending of the tube during rupture in the a-phase region, which limits the
access of steam to local regions of the cladding surface. Figure 111.20 shows

the effect of pellet-cladding gap distance on local oxidation of the inner surface
at a location ~41 mm above the burst opening for a tube that was oxidized at

1433 K for 2.55 ks. The oxide-layer thickness at the outer surface is uniform

at three locations (see Fig. 111.20), which indicates a negligible circumferential

temperature variation. However, the oxide-layer thickness at the inner surface

decreases as a function of circumferential position (Fig. 111.20) due to the

limited access of steam to the inner surface. The alumina pellet was probably

in contact with the cladding in the region shown in Fig. III.20C.

4. Anomalous Oxidation at Inner and Outer Surfaces of Zircaloy-4
Cladding at 1170-1300 K

Local variations in the thickness of the oxide layers at the inner
and outer surfaces observed in tubes that were ruptured in the a- or pre-
dominantly a-phase regions cannot be attributed to circumferential tempera-
ture differences in the cladding. The anomalous oxidation behavior can be
characterized by a region or layer of white oxide (when observed under polar-
ized light) in contact with the normal columnar oxide. In general, the thickness
of the metallic stabilized a-phase layer beneath the combined oxide is less than
at adjacent regions on the cladding surface where the white oxide is not present.
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Fig. 111.19

Cross Section of Zircaloy-4 Tube in
Rupture Region Showing (A) Oxidation

at Inner Surface Great.r Than at Outer

Surface in a Segment of Tube Opposite
the Rupture and (B) Smaller but Equiv-

alent Oxidation at the Inner and Outer
Surfaces in the Rupture Area. The es-
timated outer-surface temperatures
from measurements of the oxide-layer
thicknesses are 1316 K in (A) and
1233 K in (B) after oxidation in steam
for 2.04 ks. ANL Neg. No. 306-77-615.

Fig. 111.20

Effect of Steam Starvation, caused
by a Small Pellet-Cladding Gap
Distance, on Oxide- and a-layer
Thicknesses at the Inner Surface of

a Zircaloy-4 Tube Ruptured in Steam
and Oxidized at 1433 K for 2.55 ks.
The inner surface shows less oxidation.
ANL Neg. No. 306-77-617.
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The arrows in Fig. 111.21 show regions of anomalous oxidation at

the outer surface of a Zircaloy tube that was ruptured in steam at ~1047 K and

oxidized at 1293 K for 6 ks. The uniform thickness of the oxide layer at the

inner surface suggests that circumferential temperature variations in the

cladding were quite small. Microcracks were not evident in either layer,
which could lead to more rapid oxygen transport through the oxide and larger

total oxidation in these regions.

Fig. 111.21

Cross Section of a Zircaloy-4 Tube after Oxidation
in Steam at 1293 K for 6.0 ks Showing Anomalous

White Oxide Layer at Ouzcr Surface. Note the total
thickness of the oxide layer in the regions indicated
by the arrows. Etched and anodized, polarized light.
ANL Neg. No. 306-77-610.

Another manifestation of anomalous oxidation at the outer surface
is shown in Fig. 111.22 for a specimen that was oxidized in steam at 1273 K

for 4.2 ks. The irregular shape of the oxide-alpha interface suggests that

oxygen transport through the anomalous oxide region was nonuniform with

respect to the circumferential position or that microcracks are present in

the o'-phase layer. Figure 111.23 is a cross section of a specimen oxidized
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r OD OX IDE
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Fig. 111.22. Cross Section of a Zircaloy-4 Tube after Oxidation in Steam at 1273 K
for 4.2 ks Showing an Anomalous Oxide Layer tinder Normal Columnar
Oxide Layer on Outer Surface. Etched and anodized, bright-field contrast.
ANL Neg. No. 306-77-611 Rev. 1.
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Fig. 111.23. Cross Section of a Zircaloy-4 Tube after Oxidation in Steam at
1248 K for 13.8 ks Showing an Anomalous Oxide Layer at the
Outer Surface, in Which Regions Similar to Those in Figs. 111.21
and 111.22 Are in Direct Contact. Numerous cracks are present
in the white oxide region. Etched and anodized, polarized light.
ANL Neg. No. 306-77-609.

in steam at 1248 K for 13.8 ks. The white oxide (under polarized light) in this
micrograph is identical to the anomalous oxide in Fig. 111.21.

Figure 111.24 shows a typical microstructure for a region of anoma-
lous oxidation at the inner surface of a Zircaloy tube ruptured in steam and
oxidized at X1300 K for 10.8 ks. This region of the specimen exhibits a non-
planar oxide-alpha interface similar to that at the outer surface of the specimen
shown in Fig. 111.22; however, the columnar oxide region is not usually present
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Fig. 111.24. Micrograph of Inner Region of a Zircaloy-4 Tube after Oxida-
tion in Steam at 1223 K for 10.8 ks Showing a Thick Anomalous
Oxide Layer with Wavelike features. Etched and anodized, po-
larized light. ANL Neg. No. 306-77-607.
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at the inner surface. To ensure that the wavelike features of the oxide are

not an artifact of the specimen-preparation method (e.g., pores or micro-

cracks in the oxide could be filled with alumina during polishing), we are

examining the fracture surfaces in a scanning-electron microscope.

Figure III.25 shows a region from the cross section of a Zircaloy
tube after oxidation in steam at 1263 K for 13.8 ks that illustrates the types
of anomalous oxidation at the outer and inner surfaces described in Figs. 111.23
and 111.24, respectively. Note the presence of cracks in the white oxide and

the decrease in the a-layer thickness in this region.

OD OXIDE
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Fig. 111.25. Cross Section of a Zircaloy Tube after Oxidation in Steam at
1263 K for 13.8 ks Showing Anomalous Oxide Layers at Outer
and Inner Surfaces Similar to Those in Figs. 111.23 and 111.24,
Respectively. The arrows indicate a region in which the oxide
is relatively thick compared with the a layer. Etched and
anodized, polarized light. ANL Neg. No. 306-77-608.

The micrograph in Fig. 111.26, for a specimen oxidized in steam

at 1244 K for 8.1 ks, shows that anomalous oxide with wavelike features

(e.g., Fig. 111.24) also forms at the outer surface of the cladding. The tin-

rich phase, reported by Yurek et al.,' 7 near the oxide-alpha interface (white

lines in Fig. III.26A) and separation of the oxide at this location(Fig. III.26B)
were also observed.

Figure 111.27 is a characterization of anomalous oxide-layer

formation relative to the oxidation temperature and time for the experimental
data in Fig. III.11. The data indicate that anomalous oxidation at the inner

surface occurs at shorter times than for the outer surface.

In addition to the time and temperature of oxidation, local stress

in the cladding appears to be a factor in anomalous oxide-layer formation at
high temperatures. Figure 111.28 shows micrographs from two axial locations

on a Zircaloy tube near thermocouples (1263 and 1248 K) after oxidation in
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Fig. III.26

Cross Section of a Zircaloy-4 Tube Oxidized in Steam at
1244 K for 6.8 ks Showing (A) Type of Anomalous Oxide

Layer in Fig. 111.24 at Inner and Outer Surfaces, and

(B) Separation of Outer Oxide Layer along Tin-rich Phase

Indicated by White Lines in (A). Etched and anodized,
polarized light. ANL Neg. No. 306-77-614.

Fig. 111.27

Time and Temperature Conditions Resulting in

Anomalous Oxidation at Inner and Outer Surfaces

of Zircaloy-4 Tubes Ruptured at ~1050 K in Steam
at a Heating Rate of 10 K /s and an Internal Pres-

sureof 6.89MPa. ANL Neg. No. 306-77-603 Rev. 1.
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Fig. 111.28. Cross Sections of a Zircaloy-4 Tube after Oxidation in Steam at (A) 1263 and (B) 1248 K for
13.8 ks Showing a Large Difference in the Thickness of the Anomalous Oxide Layer at the
Inner Surface but No Circumferential Variation in the Thickness of the Outer Oxide Layer.

Local stresses near the oxide-metal interface, rather than temperature differences, could ac-

count for this behavior. Etched and anodized, polarized light. ANL Neg. No. 30G-77-613.

steam for 13.8 ks. Although axial temperature differences in the cladding can

be quite large (as shown in Fig. III.9), the circumferential temperature varia-

tions over the regions of the cladding depicted in Fig. III.28 were small during

the isothermal oxidation period. Local stresses in the cladding wall during

rupture in the a'-phase region may be responsible for the anomalous oxidation

at the inner surface.

Figure 111.29 shows anomalous oxidation at both surfaces in the

vicinity of a thermocouple bead that was spot-welded to the cladding. A tensile

OD OXIDE

ID OXI

Fig. 111.29. Cross Section of a Zircaloy-4 Tube in the Vicinity of a Thermocouple
after Oxidation in Steam at 1248 K for 13.8 ks Showing Anomalous
Oxide Layers at Both Surfaces That Could Result from Local Stresses
Introduced during Spot-welding of the Thermocouple to the Tube.
Etched and anodized, polarized light. ANL Neg. No. 300-77-606.
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hoop stress near the outer surface could have occurred in the region in

which the thick white oxide formed, whereas a compressive stress was

present at the inner surface (lower left in the figure). Variations in the

oxide-layer thickness on the inner surface of the cladding near the rupture

region in the work of Furuto et al.1 8 can probably be attributed to circumfer-

ential temperature variations. At present, local compositional or micro-

structural differences in the cladding must also be considered as possible

explanations for anomalous oxidation behavior.

In general, when the white oxide at the outer surface becomes

relatively thick (?20 pm), numerous cracks develop in contrast to the behavior

of normal oxide. Figure 111.30 shows a region of a tube that was oxidized for
10.8 ks at 1223 K in which the thickness of the normal oxide at the outer sur-

face is slightly less than the total layer thickness in the region with the anom-

alous white oxide. The outer surface in higher magnification (Fig. 111.31)
reveals numerous cracks in the white oxide layer and a greater thickness of

the underlying oxide. The relationship between the thicknesses of the oxide
layers is also shown in Fig. 111.32. The micrograph in Fig. 111.33 shows that
the spacing of the cracks in the a layer beneath the normal or anomalous

oxide layers is essentially regular. It is not known whether these cracks
formed during isothermal oxidation or during quenching of the specimen.

Figure 111.33 clearly shows a higher density of a-layer cracks
under the anomalous white oxide layer than beneath the normal oxide layer
(also see Fig. 111.30). Observations based upon Figs. 111.31-III.33 indicate
that the Pilling-Bedworth ratio of the anomalous white oxide is greater than
that of the normal columnar oxide.
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Fig. 111.30. Cross Section of a Zircaloy-4 Tube after Oxidation in Steam
at 1223 K for 10.8 ks Showing a Higher Density of Cracks in
the as-phase Layer beneath the Anomalous White Oxide at the
Outer Surface Than under the Normal Oxide Layer. Etched
and anodized, polarized light. ANL Neg. No. 306-77-621.
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Fig. 111.31

Cross Section of the Region of the
Tube in Fig. 111.30 under Higher
Magnification Showing Numerous
Radial Cracks in the Anomalous
Oxide Layer at the Outer Surface.
(A) Bright field and (B) etched and
anodized, polarized light. ANL
Neg. No. 306-77-618.

' ANOMALOUS OD OXIDE

NORMAL OD OX IDEh, t

Fig. 111.32

Region from Cross Section of Zircaloy-4 Tube
after Oxidation in Steam at 1223 K for 10.8 ks

Showing Relationship between Total Oxide-

layer Thickness and Thicknesses of Anomalous
White Oxide. Cracks in the white oxide ap-
parently enhance oxygen transport through the
layer and increase the thickness of the com-
bined oxide layers. Etched and anodized, po-
larized light. ANL Neg. No. 306-77-605.

40 p~m
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Fig. III.33. Cross Section of a Zircaloy-4 Tube after Oxidation in Steam at 1223 K for 10.8 ks Showing

a Higher Density of Cracks in the a Layer under the Anomalous Oxide Layer Than under

the Normal Columnar Oxide Layer. ANL Neg. No. 306-77-616 Rev. 1.

A comparison of the oxidation time/temperature conditions for

anomalous oxidation (in Fig. 111.27) with the corresponding data for failure of

the tubes by thermal shock or normal handling (in Fig. III.11) indicates that

accelerated local oxidation does not result in failure of the specimens for

oxidation periods X20 ks at < 1290 K. Since the average oxygen concentration

of the P phase will not exceed the saturation concentration of -0.2 wt % under

these conditions, 3 the material retains sufficient strength and ductility to

withstand the thermal shock, even for a fractional thickness of the transformed

0 phase as small as -0.07.
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IV. STEAM-EXPLOSION STUDIES

Responsible Section Manager:
R. E. Henry, RAS

A. Combined Physical-Chemical Explosions (D. R. Armstrong and
R. M. McDaniels, RAS)

A capacitor discharge unit with an energy range of 80-1600 J has been

assembled and is being used to determine the threshold trigger energy re-
quired to initiate an aluminum-water vapor explosion.

A typical experiment run in the

of aluminum at 800*C and 1.3 L of water

DROP SOLENOID"

DROPPING CRUCIBLE

QUENCH TANK

PRESSURE TRANSDUCER~ - (BOTH ENDS)

CAPACITOR BANK
EXPLODING WIRE

FORCE TRANSDUCER(

apparatus shown in Fig. IV.1 uses 30 g

at 30*C. The aluminum is dropped

into the water, falls through, and

pools on the bottom of the tank sur-

rounded by a film of water vapor.
Additional drops of aluminum fall

through the water, touch the pooled

aluminum, and coalesce into a larger
pool. At some adjustable delay after

the crucible is opened, the wire is ex-

ploded to initiate the vapor explosion.

The direct effect of the wire

explosion is the production of a shock
wave which collapses the vapor film

surrounding the aluminum. For low-

pressure shocks, the film collapse

produces a small disruption and ex-
pansion of the aluminum pool, which
then collapses and returns to its
initial state. No effects significantly
different from the exploding wire

alone are observed. This expansion
and return to a molten pool are seen
even for weak shocks less than 1 MPa.

High-pressure shocks initiate
dif ;,LJ.oLf *LL IJ 7t 1 rb 1 h 1 L o f*1Lo th LA i rL m

l a uierent ue av or oz te a um inumn.

The pool expands rapidly ('50 m/s)
after the collapse of the vapor film

Fig. IV.1. Aluminum-drop Apparatus. and fragments, expelling much of
ANL Neg. No. 900-77-1722, the water from the tank. The pres-

sure threshold dividing these two
types of interaction is about 5 MPa. For one experiment with a shock wave
of this magnitude (produced by an 80-J discharge), the aluminum pool first
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expanded to about twice its original diameter and then collapsed, triggering
a vapor explosion, as did a drop of aluminum that was falling through the

water. This sequence of events provided an unambiguous separation of pres-

sure pulses resulting from the exploding wire and from the vapor explosion.

Figure IV.2 shows the pressure pulses resulting from the vapor explo-

sion in this test. These pulses are short with widths of about 10 ps and ampli-

tudes of a few MPa as measured 5-10 cm from the source. This is similar

to the pulses generated by the exploding wire as seen in Fig. IV.3. Thus, in

100 200 300 400 500 600 700 800
TIME, s

900 1000 1100 1200 1300

Fig. IV.2. Pressure Pulses from Aluminum-Water Vapor Explosion
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TIME, Is
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Fig. IV.3. Exploding-wire Pressures
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the more energetic experiments in which the vapor explosion occurs in one

part of the aluminum pool while vapor collapse is still occurring in another

part, the separation of pressure pulses causing and resulting from the vapor

explosions is nearly impossible.

However, two system parameters are more easily measured and show

significant differences between explosion and nonexplosion cases. First, the

impulse produced by the explosion on the base of the tank as measured by the
supporting force link is less than 1 N-s for the nonexplosion case. For a series
of 10 runs with discharge energies of 80-700 J, the impulse ranged from 5 to
10 N-s with no apparent correlation between initiating energy and the resulting

impulse. Second, the extent of fragmentation of the aluminum residue after

an experiment varies markedly for the explosion and nonexplosion case.

Figures IV.4 and IV.5 compare t' - aluminum after a vapor explosion
run with one in which the aluminum was fragmented by the triggering pulse
but then collapsed and coalesced back into a single aluminum puddle. Sieve

analysis for two runs, initiated by shocks of different intensities and resulting

in vapor explosions, gave similar results. For an initiating shock of 15 MPa
and discharge energy of 700 J, the mean particle diameter was 2.8 mm. For
a less violent initiator, 5 MPa and 80 J, the mean diameter was 2.5 mm. These

mean diameter es are based on the mass average of spherical fragments, where-

as the fragments are actually thin platelets.

Fig. IV.4

Nonexplosion Aluminum Residue
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Several tentative conclusions may be drawn from these data. A definite
trigger threshold for vapor explosions exists, while the vapor-explosion energy
appears to be independent of the trigger energy. Also, the pressure pulse

from a vapor explosion is coincident (within 100 p.s) with the collapse of the

vapor film surrounding the aluminum.


